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Abstract 
 
Vertical-axis wind turbines (VAWTs) represent a valuable alternative to horizontal-

axis ones for non-conventional installations like highly turbulent environments and off-
shore floating. Due to their inherently complex aerodynamics, nonetheless, characterized 
by a continuous oscillation of the angle of attack on the blade, often above the static stall 
limit, their development has fallen behind. The nature of this technological gap is twofold. 
On the one hand, new strategies for increasing their performance and stabilizing their 
operation must be developed. In this perspective, one can work both on improving the 
airfoils' performance with passive flow control devices and on controlling the angle of 
attack (e.g., with active blade pitching). On the other hand, analysis tools with a fidelity 
higher than the ubiquitous Blade Element Momentum (BEM) method are needed. Blade-
resolved Computational Fluid Dynamics (CFD) has shown its potential for this 
application, but its elevated computational cost makes it suitable only for analyses of few 
cases. In between the two, interest is being devoted at developing hybrid approaches, able 
to conjugate the accuracy of CFD and the calculation cost reduction coming from a 
lumped-parameter modeling of airfoil aerodynamics. Among the different methodologies 
available, the Actuator Line Method (ALM) is particularly promising. Several 
shortcomings of this approach have not been solved by the scientific community yet, in 
particular: the spreading of aerodynamic forces in the domain, the sampling of the angle 
of attack from the resolved flow field, and a robust dynamic stall modelling. Moving from 
this background, this thesis presents a comprehensive approach to the power 
augmentation of vertical-axis rotos. Two strategies have been investigated, i.e., Gurney 
Flaps and active blade pitching. To this end, high-fidelity, blade-resolved CFD 
simulations were sided by a new generation ALM tool, here developed within the 
commercial solver ANSYS® FLUENT®. In the effort of tailoring the ALM to this type of 
machines, different features have been implemented and discussed in the present study, 
including a novel strategy for sampling of the angle of attack from the resolved flow field, 
a sensitivity analysis on the force spreading within the domain and several sub-models to 
account for secondary aerodynamic effects. Particular attention has been given to dynamic 
stall and to tip effects modelling. Validation on selected test cases, for which high-fidelity 
blade forces and wake field data were available from wind tunnel tests and blade-resolved 
simulations, has proved the reliability of the developed ALM tool. Effectiveness of the 
proposed power augmentation strategies has been demonstrated also via their application 
to a hydrokinetic rotor (HVAT - hydrokinetic vertical-axis turbine), designed in 
collaboration with an industrial partner. Both ALM and blade-resolved CFD simulations 
showed a simultaneous increase in the turbine aerodynamic efficiency and a reduction in 
fatigue loading.  
 
Keywords: Darrieus, VAT, Actuator Line Model, Computational Fluid Dynamics, 
Active blade pitching, Gurney Flap  
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Summary 
 
Vertical Axis Wind Turbines (VAWTs) represent a valuable alternative to horizontal-

axis ones for non-conventional installations, like floating platforms for deep-water offshore 
or small applications in turbulent environments. A third promising field of application is 
hydrokinetic power, i.e., the exploitation of the kinetic energy of rivers and artificial 
canals. In this case, vertical-axis turbines (HVATs) can be deployed without many of the 
issues characterizing their wind-based equivalents. Due to their inherently complex 
aerodynamics, nonetheless, characterized by a continuous oscillation of the blade angle of 
attack, often above the static stall limit, their development has fallen behind that of their 
horizontal-axis counterparts. The nature of this technological gap is twofold.  

On the one hand, new strategies for increasing their performance and stabilizing their 
operation must be developed. In such perspective, an attractive solution is represented by 
dedicated Power Augmentation Strategies (PAS), i.e., auxiliary systems, either active or 
passive, designed to improve the control of the flow developing around turbine blades, 
along with their aerodynamic performance. In this perspective, one can work both on 
improving the airfoils' performance with passive flow control devices (Gurney Flaps) and 
on controlling the angle of attack (e.g., with active blade pitching). Gurney Flaps are 
small passive tabs to be applied at the airfoil trailing edge, which can enhance airfoil 
performance in both static and dynamic conditions, beside stabilizing the flow during 
dynamic stall. These characteristics can be used on each type of vertical-axis turbines 
(VATs) to achieve a more stable torque output and higher performance at the lower 
TSRs. Active blade pitching systems are devices able to vary the blade angle of attack 
over one rotor revolution according to a predefined control strategy. This technology is 
particularly suitable for hydrokinetic rotors, as they work at almost constant inflow 
velocity and low rotational speed, where it can be used to increase the hydrodynamic 
efficiency as well as alleviate the fatigue loading on the rotor structure (shaking). The 
latter aspect can be critical for the design of HVATs due to the magnitude of 
hydrodynamic loads. 

On the other hand, analysis tools with a fidelity higher than the ubiquitous Blade 
Element Momentum (BEM) method are needed. Blade-resolved Computational Fluid 
Dynamics (CFD) has shown its potential for this application, given its accuracy and 
ability to simulate even the most complex configurations. Nevertheless, its elevated 
computational cost makes it suitable only for analyses of few two-dimensional cases. 
Blade-resolved, three-dimensional simulations of Darrieus rotors are instead currently too 
cumbersome even to be carried out at a research level. In between the two, interest is 
being devoted at developing hybrid approaches, able to conjugate the accuracy of CFD 
and the calculation cost reduction coming from a lumped-parameter modeling of airfoil 
aerodynamics. Among the different methodologies available, the Actuator Line Method 
(ALM) is particularly promising, combining a lumped-parameter representation of the 
rotor with the CFD resolution of the flow field. However, obtaining sufficiently accurate 
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results for VATs with this approach is not straightforward, as several issues have not 
been solved by the scientific community yet. 

Moving from this background, this thesis work presents the study of the application 
of Gurney Flaps and active blade pitching to improve the performance of Darrieus rotors, 
both wind- and water-based. To the purpose, high-fidelity blade-resolved CFD simulations 
were sided by a new generation ALM tool, here developed within the commercial solver 
ANSYS® FLUENT® (version 20.2), and specifically designed to address the four main 
issues currently associated to ALM simulations of vertical-axis turbines: 
1. Angle of attack sampling from the resolved flow field: a novel strategy for obtaining a 

high-quality signal, which is also required by the dynamic stall model usually employed 
for this kind of analyses, has been introduced. The latter combines a LineAverage 
sampling method with a Cubic Spline Smoothing (CSS) algorithm for the low-pass 
filtering of the extracted signal. Before being implemented into the ALM code, the 
accuracy of this algorithm has been validated on high-fidelity CFD and experimental 
data of a test Darrieus rotor; 

2. Aerodynamic modelling:  The complex aerodynamics of VATs makes the accuracy of 
hybrid models such as the ALM extremely sensitive to the combination of the various 
sub-models used to account for higher-order phenomena. Besides performing a 
systematic analysis on this aspect, with a particular focus on the flow curvature effect 
and dynamic stall modelling, the present work also introduced for the first time two 
modifications to the ALM base formulation, to account for specific effects associated 
to the cycloidal motion of VAT blades. One is the correction of the blade torque for 
the airfoil pitching moment, while the other is the influence on the blade dynamics of 
the Blade-Spoke Connection (BSC) point, i.e., the point where the blade is mounted 
on the support strut; 

3. Insertion of the computed blade forces into the computational domain: this aspect 
tends to be marginalized as a mere stability issue.  In the proposed ALM tool instead, 
a more physically sound description of the flow pattern around the blades is achieved 
by relating the kernel distribution width to a characteristic dimension of the rotor 
blade, e.g., the chord; 

4. End effects: the ALM has notoriously some issues when it comes to resolve the vortex-
like structures shed at the blade end (i.e., tip vortexes). A novel sub-model for the 
correction of the predicted blade loads along the span has been here adapted for the 
use with VATs. The latter makes use of LLT to compute the contribution to the 
downwash induced by tip vortexes, which is lost in the ALM due to the characteristic 
smearing of the blade forces in the computational domain, yielding accurate results 
without increasing the approach set-up and computational effort. 
 
The applied modelling solutions were extensively validated on selected test cases, for 

which high-fidelity blade forces and wake field data were available from wind tunnel tests 
of academic partners at european level and blade-resolved simulations of the author.  

The ALM and CFD tools were eventually applied in a synergic way to the study of 
the proposed PASs. In the case of active blade pitching, the introduction of a novel double-
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cam pitching mechanism required the ALM-based optimization of the corresponding 
pitching law on a test hydrokinetic rotor. The latter was developed in conjunction with 
an industrial partner. Obtained results were then verified a posteriori via blade-resolved 
CFD. Gurney Flaps on the other were studied in both static and dynamic conditions, 
using as test case a NACA0021 airfoil. Given the corresponding complex geometries and 
inflow conditions, simulations mainly performed via blade-resolved CFD. The analysis 
was then extended to a test Darrieus rotor, using both ALM and CFD to assess the impact 
of these devices on rotor performance for different operating conditions. 
 

Thesis outline 

The thesis is structured as follows: 
§ Chapter 1 provides a brief introduction to vertical-axis turbines and the issues 

associated to their principle of operation. A brief overview of the proposed power 
augmentation strategies, as well as the simulation methodologies currently available 
in the scientific community, is proposed; 

§ Chapter 2 reports the test cases employed in this work, in particular the two VAWT 
rotos used for the validation of the ALM code and the hydrokinetic turbine, which 
was selected as framework for the application of the proposed power augmentation 
strategies; 

§ Chapter 3 reports in detail the implementation, calibration and validation of the 
proposed ALM tool; 

§ Chapter 4 describes the blade-resolved CFD models used in the thesis for pitching 
airfoil and full rotor simulations, both in terms of set-up and, when available, 
validation against experimental data; 

§ In	Chapter 5, the investigation carried out in this work on the application of Gurney 
Flap to both pitching airfoils and Darrieus rotors are reported. Simulations were 
performed in both static and dynamic conditions, in order to assess the effectiveness 
of such devices on the different operating conditions encountered by VAT rotors; 

§ Chapter 6 concludes the thesis with the presentation of a novel active blade pitching 
mechanism and the optimization of the corresponding pitching law on an industrial 
hydrokinetic rotor. The latter was performed with the newly developed ALM tool.  
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1 Introduction 
 

1.1 Wind energy 
 

 

Figure 1.1: Perspectives of capacity growth of on-shore installations [1]. 

In the frame of the necessary transition to zero-emission power generation, wind energy 
is currently playing a relevant role, which in the future it is going to grow exponentially, 
according to the International Renewable Energy Agency (IRENA) [1]. As shown in 
Figure 1.1, the current installed onshore generation capacity will in fact increase six-folds 
in the next 30 years, reaching almost 6 TW by the year 2050.   

Even more surprising are nonetheless the perspectives of growth for offshore 
installations, either coastal or deep-sea floating. The corresponding installed capacity will 
in fact increase more than ten times with respect to the current one by the year 2050, as 
reported in Figure 1.2.  

As it will be explained in the following sections, this fact opens an interesting path for 
the renewed development of a technology, which for years has been left behind in favor 
of the more common horizontal-axis machines (HAWT), that is the Vertical-Axis Wind 
Turbine (VAWT). This concept presents in fact notable advantages for offshore large-
scale power generation [2] (see Section 1.2), such a lower center of mass, a more accessible 
generation unit and a higher density when arranged in a farm configuration.  
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Figure 1.2: Perspectives of capacity growth of off-shore installations [1]. 

If properly developed from both a research and industrial point of view, these machines 
can also represent a valuable alternative to HAWTs in other non-conventional 
applications, which, although they will represent a small percentage of the total installed 
capacity, will still have a role in the energy production at a local small scale: urban 
installations [3] and hydrokinetic applications [4], as explained in Section 1.2.   

1.2 Vertical-axis turbines 
Vertical-axis Turbines (VATs) are distinguished by an axis of rotation oriented in 

orthogonal direction with respect to the incoming flow. Although inconvenient for large-
scale onshore power generation, where the horizontal-axis concept (HAWT) has imposed 
itself as technological solution, this configuration presents notable advantages for non-
conventional installations [2]. 
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Figure 1.3: Most promising applications for vertical-axis turbines: a) highly turbulent 
environments (e.g., cities) [5] b) floating off-shore installations [6] c) hydrokinetic [7]. 

As illustrated in Figure 1.3, three main applications can be identified as the most 
promising:  
§ Highly-turbulent environments (e.g., cities): built environments such as cities present 

a very complex wind resource, characterized by frequent and sudden variations in the 
stream intensity and direction and, in general, a high content of turbulence [3]. In 
these conditions, the rotational symmetry of VAT rotors can be used to exploit this 
energy source in a robust and efficient way, independently from the direction assumed 
by the wind [8]. The consequent lack of a yaw system, either active or passive, makes 
this technology particularly interesting for small-scale machines, where the reduction 
of complexity and costs is mandatory. On top of that, VATs tend to work at lower 
tip-speed ratios than their horizontal counterparts, thus operating with lower noise 
emissions. The aerodynamic noise level of the rotor is in fact proportional to the fifth 
power of the blade peripheral speed [3]; 

§ Floating off-shore applications: in the exponentially growing sector of the installation 
on floating off-shore platforms, VATs represent a valuable solution due to the 
possibility of shifting the generation unit on the platform, thus lowering the center of 
gravity and improving the overall dynamic stability of the machine. This configuration 
also makes the turbine part more prone to failure, such as the gearbox, readily 
accessible, making maintenance easier. The other key advantage of this technology 
compared to the horizontal-axis one is its insensitivity to misaligned flows [9], i.e. 
tilted of a certain angle in the vertical direction, which allows these machines to 
minimize the variation of performance with respect to the wave-induced oscillatory 
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motion of the supporting platform. As reported by Mertens et al. [43], VATs are even 
able to achieve a higher efficiency with respect to the straight flow case, at least for 
angles lower than 40°; 

§ Hydrokinetic energy: a new field for the application of vertical-axis machines is the 
hydrokinetic power, i.e., the exploitation of low-head water flows such as rivers, 
artificial canals or even marine currents. the main advantage of this technology with 
respect to the horizontal-axis one is the possibility of keeping the generator unit 
outside the water [10]. This not only notably increases the lifespan of the machine, as 
it keeps the components more prone to failure away from the aggressive action of 
water, but also facilitates installation and maintenance. As described in detail in 
Section 1.2.2, the specific characteristics of water streams also compensate a large part 
of the drawbacks encountered by VATs when operating in air, making this concept 
even more favorable than the original one.   

 
In spite of all the advantages described so far, vertical-axis turbines are still lacking 

behind their horizontal-axis counterparts, both in terms of technology development [11] 
and aerodynamic performance [12].  

 

Figure 1.4: Schematic representation of typical VAT operation at the lower TSR and 
corresponding flow field.  

Paradoxically, the reason is to be found in their own working principle, which is 
intrinsically unsteady [8]. As schematically shown in Figure 1.4 in fact, each blade is 
subjected along its path to a periodic variation of the incident flow characteristics (angle 
of attack, relative velocity magnitude, Reynolds number), whose amplitude is directly 
related to the ratio between the peripheral speed of the blade "R and the freestream 
velocity of the wind V0, or Tip-Speed Ratio (TSR): 
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 ,-. = /R0!  (1.1) 

The maximum angle of attack fluctuations are observed at the lowest tip-speed ratios, 
where they bring the turbine profiles to work in stalled conditions for a relevant portion 
of their revolution. Such phenomenon, which takes the name of dynamic stall, is associated 
not only to an enhanced irregularity of the overall torque production, but also to the 
presence of vortex-like structures which, shed from the blades in the front part of the 
machine (upwind), interact with them in the rear part (downwind), lowering their 
aerodynamic performance and increasing the mechanical and vibrational load [13]. The 
corresponding phenomenology is described in detail in Section 3.4.1.  

Going towards higher tip-speed ratios, such oscillations are progressively damped out, 
with a consequent stabilisation of the rotor operation and an improvement in the global 
efficiency. The corresponding increase in the blade loading is nonetheless sided by an 
enhancement of the blockage exerted by the front part of the turbine on the incoming 
flow, which is both decelerated and deflected in the transversal direction. The final result 
is a penalisation of performance in the downwind region, which beyond a certain TSR 
leads to an overall efficiency drop. On top of that, the flow field is further complicated by 
the presence of the rotor support system, i.e., the shaft and the struts connecting it to 
the blades, which represent a source of both parasitic drag torque and vortexes disturbing 
once again the downwind blade operation [8].  

Based on the characteristics described so far, it is clear why the vertical-axis technology 
is still falling behind the horizontal-axis one. The design and simulation of these machines 
is in fact inherently challenging, as it will explained in detail in Section 1.4. In the case 
of wind turbines (VAWTs), this gap is even wider, due to the specific issues related to 
the operation in air. As described in Section 1.2.1 for instance, small-size rotors need to 
work at high rotational speed to achieve a satisfactory power output. Due to the usually 
small chord of their blades and the low density of air at atmospheric conditions 
nonetheless, their Reynolds number (Re) of operation still falls in the low-to medium 
range, which is notoriously challenging to model accurately with both experimental and 
numerical methodologies. This condition also comes with very low aerodynamic 
efficiencies. In hydrokinetic applications on the other hand, thanks to the higher density 
of water, it is possible to simulate and design these turbines for high-Re operation, raising 
the achievable efficiency and reducing the at the same time the modelling effort (see 
Section 1.2.2).  

1.2.1 Wind turbines (VAWTs) 

In the context of power generation from wind, the vertical-axis architecture is 
distinguished by a large variety of designs (see Figure 1.5), most of them based on the 
work of the french inventor Jean Marie Georges Darrieus, in the years from 1920 to 1940. 
As a consequence, they commonly take the name of "Darrieus turbines". These machines 
were in the following years further developed and engineered by various research 
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laboratories in the UK (University of Reading) and USA (Sandia National Laboratory, 
DOE) [14].  
 

 

Figure 1.5: Various Darrieus rotor architectures. From left to right: H-shaped, V-shaped, 
Troposkien and Gorlov [14].  

The standard is represented by the H-Shaped Darrieus turbine. In its most common 
configuration, this variant comes with multiple straight blades, connected to the central 
shaft in a cantilever fashion via a set of support arms. In contrast with HAWTs, the rotor 
blades feature only one type of aerodynamic profile over their whole span, usually 
symmetric and unstaggered. In virtue of such simple design, the H-rotor is by far the 
easiest to manufacture and to study with numerical approaches. For this reason, it was 
the only architecture considered for the present thesis work (see Chapter 2).  

In spite of such simplicity, the design of this machine is anything but trivial, as it 
needs to consider all the challenges associated to the operation in air, especially for small-
size rotors. The most important task is the achievement of a high aerodynamic efficiency, 
which, given the low density and speed of the most frequent winds, is mandatory to obtain 
a reasonable energy output. If this is already challenging for nominal conditions, due to 
the severe unsteadiness and the low Reynolds numbers experienced by the blades (see 
Section 1.2), it is even more complicated to extend it to the whole range of operation, 
especially at the lower tip-speed ratios. One of the main consequences is the inability to 
self-start of VATs, and so to follow autonomously the oscillations in the wind intensity.  
This issue has been partially compensated so far by designing high solidity rotors, i.e., 
characterized by an elevated chord-to-radius ratio c/R and number of blades Nb, as in 
Eq. 1.2:  1 = 2N"2.  (1.2) 

This solution comes nonetheless with a lower efficiency and a higher constructive 
complexity [15]. Raising the number of blades has also the advantage to shift the turbine 
operation towards lower TSRs, thus lowering the maximum rotational speed, and to 
reduce the torque ripple on the generator shaft. The combination of these two features 
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results in a more continuous power output to the grid and a lower fatigue loading on the 
rotor structure, which for VAWTs derives essentially from inertial forcing, as it is needed 
to harvest the higher wind speeds to achieve a sufficient energy production. A number of 
blades usually considered to be the best trade-off between efficiency and inertial forcing 
is three, as shown for instance in Figure 1.6. 

In order to overcome the limits of the H-rotor described so far, many variants have 
been proposed over the years. The Troposkien or Eggbeater for instance (see Figure 1.6) 
uses a blade shape that approximates the one assumed by a spinning rope hung at its 
extremities to minimize the stress associated to centrifugal loading, allowing to reach 
higher rotational speeds. At given rotor swept area, this geometry also results in an higher 
aerodynamic efficiency, due to the lower influence of the tip large-scale flow structures, 
thanks to the absence of free blade extremities and the lack of support struts, with the 
associated drag losses [14]. The major drawback is the relatively high production effort, 
due to the manufacturing of the blades. The Gorlov turbine adopts instead twisted blades 
to strongly reduce the torque ripple usually associated to VAWT operation, achieving a 
more uniform power output, lower noise emissions and higher structural reliability. This 
concept should also improve the rotor self-starting ability [14].  

1.2.2 Hydrokinetic turbines (HKTs) 

The increasing investment costs and the lowering availability of favourable sites for 
traditional hydropower generation [16], which is based on the exploitation of the potential 
energy accumulated by the water previously collected inside a storage reservoir, has 
shifted lately the interest of the industry towards non-conventional installations, such as 
small natural streams, canals or artificial water networks [17]. For this application, the 
use of hydrokinetic turbines, which, analogously to their more widespread wind 
counterparts, extract power from the stream kinetic energy content, is becoming 
increasingly relevant [4].  

For this kind of application, the vertical-axis concept (HVAT) is particularly suitable, 
since it has the possibility to keep the generator unit outside the water. This not only 
notably increases the lifespan of the machine, as it keeps the components more prone to 
failure away from the aggressive action of water, but also facilitates installation and 
maintenance [10]. On top of that, the characteristics of water flows in fact make the use 
of the technology developed for the wind energy sector even more convenient than in its 
original field of application, overcoming many of its shortcomings.  

First, water has a density almost three orders of magnitude higher than air. 
Correspondingly, water flows have a higher energy density, which is made available at a 
much lower inflow speed [16]. For instance, at given rotor swept area, a water velocity of 
0.85 m/s is sufficient to provide the same input power of a standard wind velocity of 
8 m/s [18]. From a design point of view, this leads to more compact machines, from 3 to 
more than 10 times smaller, rotating at a lower rotational speed. In spite of their smaller 
dimensions, these rotors tend also to be more efficient than the wind ones, since they can 
easily operate at a blade Reynolds number 2-3 times higher and, in virtue of the higher 
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Tip-Speed Ratio (TSR) achievable, tend to have a lower solidity [19], although sufficiently 
long chords are needed to ensure structurally robust blades. As shown in Figure 1.6, this 
corresponds to a lower number of blades, usually two, and chord-to-radius ratio c/R.  

The second main advantage of this energy source is that, especially in the case of 
artificial water canals, the inflow velocity is more or less constant in magnitude and 
direction during operation and has a very low turbulence content [10]. As a consequence, 
the design of these machines can be optimized in a small range around a single operating 
condition, rather than over the whole expected inflow velocity spectrum as in wind 
applications, and no additional control devices (e.g., yawing system) are required. 
Moreover, self-starting issues are overcome.  

 

 

Figure 1.6: Comparison in terms of general design between wind (VAWTs) and hydrokinetic 
rotors.  

 
The benefits described so far come nonetheless at the price of, aside the classic issues 

given by water such as corrosion and cavitation, higher hydrodynamic loads and more 
demanding structural design. The corresponding frame is in fact notably thicker than in 
wind applications (see Figure 1.6). 

1.3 Power augmentation strategies 
As anticipated in Section 1.2, the main obstacle to the diffusion of VAT technology is 

currently represented by the lower peak efficiency achievable by these machines, when 
compared to their horizontal-axis counterparts; their complex and unsteady rotor 
aerodynamics in fact not only results in an overall performance penalty, but also hinders 
their proper design and optimization. In such perspective, an attractive solution is 
represented by dedicated Power Augmentation Strategies (PAS), i.e., auxiliary systems, 
either active or passive, designed to improve the control of the flow developing around 
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turbine blades, along with their aerodynamic performance. In the proposed thesis work in 
particular, two PASs and their effects on VAT operation will be characterized from a 
numerical and, when possible, experimental point of view: Gurney Flaps (GFs) (Section 
1.3.1) and active blade pitching (Section 1.3.2). 

Gurney Flaps are small tabs to be applied at the airfoil trailing edge, where, as shown 
in Figure 1.7, they cause a marked alteration of the corresponding vortex pattern. Such 
phenomenon results on one hand in the enhancement of the profile performance, with an 
increase in the aerodynamic efficiency CL/CD and the delay of the static stall point 
(especially at lower Reynolds number), on the other hand in the stabilization of its 
behavior in dynamic conditions; in particular, both amplitude of the CL, CD hysteresis 
cycle and intensity of nose-down pitching moment, responsible for flutter vibrational 
issues, are reduced [20]. These characteristics make them particularly appealing for 
vertical-axis machines, where they can be used to achieve a more stable torque output 
and higher performance at the lower TSRs. Their benefits at the higher rotational speeds 
are not obvious, due to the inevitable increase in drag associated to the presence of the 
tab.  

Active blade pitching systems on the other hand are devices that are able to vary the 
blade angle of attack over one rotor revolution according to a predefined control strategy. 
This solution has not been successfully applied to wind machines yet, as their relatively 
high rotational speeds come with a required responsiveness of the control system and 
accelerations that are currently hard to achieve at an industrial level. Furthermore, given 
the variability of the wind resource, such device would need to be optimized over the 
whole operating range of the turbine, making its design inherently challenging. The 
adoption of an active pitching system has on the contrary a notable potential for 
hydrokinetic rotors, as they work at almost constant inflow velocity and low rotational 
speed. This not only holds from an aerodynamic point of view, but also from a structural 
one. Active pitching can be in fact successfully employed to moderate the large oscillation 
of the forces acting on the rotor shaft over one rotor revolution that characterize vertical-
axis machines (shaking) [10,21], which can be critical for the design of HVATs due to the 
magnitude of hydrodynamic loads. 

1.3.1 Gurney Flaps 

The use of Gurney flaps (GFs) for enhancing the aerodynamic performance and 
controlling the dynamic behavior of airfoils has been investigated in several fields, since 
their “discovery” in the 1970s [22]. A Gurney flap is a passive flow-control device mounted 
on the pressure side of the airfoil trailing edge. It is traditionally realized by means of a 
microtab applied normal to the wall surface having a height in the range between 1% and 
5% of the airfoil chord [23].  

The static effects of GFs have been widely studied in the technical literature, showing 
a significant airfoil lift increase and a stronger resistance to stall, i.e., an increase of the 
stall angle. Wind tunnel tests [23–25], as well as numerical simulations [26], have been 
done for a large variety of airfoils, operating conditions, and flap shapes. The optimal tab 
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height was found to be in the order of the boundary layer thickness, not to excessively 
penalize the effect in terms of drag increase [27]. The dynamic behavior has also been 
studied lately to assess the benefits provided by GFs in terms of alleviation of the 
detrimental effects related to dynamic stall [28], especially in the field of helicopter rotors 
[29,30]. Such studies, involving the analysis of sinusoidal pitching motion of the blade, 
showed that GFs have good potential in controlling the vibrations related to deep stall 
and in ensuring lift increments in poststall operation.  

In the wind energy field, existing studies were mainly conducted for horizontal axis 
wind turbines (HAWTs) [31,32], although most of them are focused on steady 
investigations for turbine blades. As regards to vertical axis wind turbines (VAWTs), the 
application of GFs to Darrieus turbine is limited to few examples [33,34], although the 
potential of such use could be significant. Indeed, VAWTs usually operate at lower 
Reynolds number and under strongly dynamic conditions, since they experience a 
continuous variation of the incidence during the rotor revolution (see Section 1.2) . Within 
this context, a device able of increasing the lift and stabilizing the occurrence of stall 
could be pivotal in future developments of such machines. This effect was verified in a 
previous work of the research group, in which a set of two-dimensional computational 
fluid dynamics (CFD) simulations was performed to analyze the effects of different GFs 
mounting on a Darrieus rotor [20]. It was found that a GF applied on the inner side of 
the airfoil could enhance the power coefficient by 21% at low tip speed ratio (TSR), 
although being slightly detrimental at high revolution speed. A strong variation in the 
torque output was observed when the blade was working in stalled conditions, with a 
much stable operation especially in the downwind part of the revolution.  

 
 

 

Figure 1.7: Schematic representation of the flow around a Gurney Flap at the trailing edge of 
a generic airfoil. Adapted from [22]. 
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1.3.2 Pitching systems 

In general, pitching systems can be classified in passive and active ones. The first ones 
rely on the self-regulation of the blade pitch based on the balance between local 
hydrodynamic, inertial and elastic forces. These solutions have a great potential, but their 
design is extremely challenging [35]. The second ones instead make use of an external 
control action to regulate the blade position. The most advanced version of this 
technology, which makes use of actuators such as servo-motors, is usually not employed 
on VATs, especially small-scale ones, due to the elevated cost and complexity [36]. A 
promising solution for hydrokinetic applications could instead represented by pitching 
systems based on eccentric/cams, which stand out in terms of robustness and cost-
effectiveness. Their main drawback is that the variety of achievable pitching laws is 
limited and constrained by the system configuration. The latter must be therefore selected 
a priori and becomes an integral part of the machine design process. As mentioned in the 
Section 1.3, this is not a problem for hydrokinetic turbines, since, in contrast with wind 
ones, their performance needs to be optimized only for the design condition.  

 

 
Figure 1.8: Pitching systems and the corresponding pitching laws: a) linkage b) single-
cam c) desmodromic double-cam. 
 

As evident in Table 1.1, the majority of the studies on the matter focused on the 
development of systems capable of achieving a sinusoidal pitching law of fixed amplitude. 
An example is the Linkage one [37], where the blade pitch is regulated by a crank-rod 
mechanism connected to the rotor shaft (see Figure 1.8a). The success of this strategy 
derives from its simplicity and effectiveness in improving the machine efficiency and 
reducing rotor load oscillations, especially for Tip-Speed Ratios (TSRs) lower than the 
optimum one where dynamic stall control is a relevant issue. For TSR > TSRopt on the 
other hand, this solution tends to lower performance with respect to the fixed-pitch case. 
In the downwind (180° 3 # < 360°) section of the rotor in fact, where the blade angle of 
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attack is already well below the static stall limit due to the upwind (0° ≤ θ < 180°) 
blockage effect, the pitching action results in a further load reduction [38]. A second issue 
of the sinusoidal law, as pointed out by Staelens et al. [39], is the inability to achieve the 
optimal blade loading in the upwind sector during the pitch-up (increasing AoA) and 
pitch-down (decreasing AoA) phases, i.e., before and after reaching the static stall point. 
This limits the power enhancement potentially obtainable. In this context, no additional 
benefit can be observed when using higher-order sinusoidal functions.  

In order to overcome the two issues described so far, more complex pitching approaches 
have been proposed over the years. Chen et al. [38] introduced a truncated sinusoidal 
function, with a flat characteristic in the downwind sector, not to interfere with the blade 
loading in that part of the revolution. The result is an efficiency increase with respect to 
the fixed-pitch turbine of 63%, 20% more than the pure sinusoidal case. Staelens et al. 
[39] on the other hand attempted to address the second issue by adopting a strategy based 
on stall control, i.e., pitching the blade only when the angle of attack exceeds a predefined 
target value, usually close to the static stall limit. In both cases, due to the complexity of 
the corresponding pitch law, the eccentric crank-rod mechanism needs to be replaced with 
a cam [40], as in Figure 1.8b, which can be profiled to achieve the desired motion. 
Nonetheless, as a single-cam can assume only convex shapes, the pitching action is limited 
to only half of the rotor revolution, since during normal HVAT operation the angle of 
attack changes sign from the upwind to the downwind sector. Thus, the pitching action 
in the downwind region can be either negative or neutral from a blade loading point of 
view. 
 

Table 1.1: Literature review of the current pitching solutions for small VAWT/HVATs. 

Pitch law Source Pitch 
system !CP,opt Benefits Issues 

Fixed [40–43] n/d + 2-13% 
- simple 
- cost-effective 
performance increase 

- limited improvement 
in start-up 
- limited load 
oscillations reduction 

Sine 
[35,37–

40,42,44–
47] 

eccentric, 
single-cam + 17-53% 

- improved start-up 
- reduced load 
oscillations 
- performance increase 
for TSR < TSRopt 
- easy to regulate with 
speed 

- performance 
degradation for TSR > 
TSRopt 
- low power 
augmentation potential 

Sine  
(high-order) [46,48] n/d + 34-52% 

Sine 
(truncated) [38] n/d + 63% 

- sine law benefits 
- performance increase 
for TSR > TSRopt 

n/d 

Stall 
control [39] n/d n/d higher performance 

than sine discontinuous 
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The maximum flexibility can be achieved with a desmodromic double-cam system, 
originally developed for automotive applications [49]. To the author’s knowledge, this 
control strategy has never been applied so far to vertical-axis turbines. As schematically 
represented in Figure 1.8c, the use of a second profiled cam and a set of leverages allows 
to pitch the blade with different laws in the clockwise and anti-clockwise directions, 
creating the opportunity of a positive pitching action to the downwind sector and thus 
unlocking the maximum potential of this kind of control strategy. 

1.4 Simulation techniques 

 

Figure 1.9: Comparison between the different methodologies available for the simulation of 
vertical-axis turbines.  

As described in Section 1.2, VAT are characterized by an extremely complex rotor 
aerodynamics. In their cycloidal motion, VAT blades experience a continuous variation 
of the angle of attack, often largely exceeding the static stall limit for a relevant portion 
of each rotor revolution. The result is an inherently unsteady behavior, making the 
estimation of the actual airfoil performance extremely difficult. This aspect, combined to 
the lack of research in past years, has strongly limited the effectiveness of low-order models 
such as the Blade Element Momentum (BEM, Section 1.4.1) [50], commonly used for 
HAWTs, showing that Computational Fluid Dynamics (CFD, Section 1.4.4) in probably 
the only viable option for the analysis of these machines [51–54]. The latter approach is 
nonetheless extremely demanding in terms of computational resources, due to the elevated 
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mesh density and reduced timestep required to resolve the complex aerodynamics of 
Darrieus rotors. For this reason, its industrial use is currently limited to the analysis of a 
few cases with a 2-D formulation. Three-dimensional simulations are on the other hand 
still prohibitive and are made in the context of academic research with the use of extensive 
computational resources.  

In order to fill the aforementioned gap between BEM and CFD, different intermediate 
models have been proposed over the years. Among them, two in particular stand out: the 
free wake LLT and the Actuator Line Method (ALM). As described in Section 1.4.2, the 
former treats the rotor blades as concentrated vortex lines, for then exploiting a 
combination of the conservation of vorticity and the Biot-Savart law principle to evaluate 
the free development of the wake downstream of the rotor. If properly tuned, this 
approach is able to yield a reasonable estimation of both loads and wake flow field of a 
Darrieus rotor in the three dimensions. The Actuator Line Method (see Section 1.4.3) 
exploits the same principle for the modelling of the rotor but uses CFD to resolve the 
corresponding flow field. If on one hand this comes with a slightly higher complexity and 
computational cost, on the other it provides a much greater flexibility in the variety of 
configurations that are possible to successfully simulate.  

1.4.1 Double Multiple Stream Tube (DMST) 

The Double Multiple Stream Tube is currently the most advanced approach of the 
streamtube family of methods, which derives directly from the Blade Element Method 
(BEM) originally developed for HAWTs. It was proposed by Prof. Paraschivoiu in 1983 
[55] to overcome the limits of the Multiple Stream Tube (MST) approach, not capable of 
modelling the deceleration induced by the upwind section of the turbine on the flow 
interacting with the downwind one (blockage effect). In its basic formulation, the portion 
of wind running through the turbine swept area is discretised into several streamtubes in 
both spanwise and transversal directions, as shown in Figure 1.10. The interaction of each 
streamtube, which is assumed to be independent from the others, with the turbine blades 
is modelled following the actuator disk approach typical of BEM. The aerodynamic forces 
exchanged with the profile result in average terms in a flow deceleration, quantified by 
the induction factor aDi:   4#! = 0$#!0!  (1.3) 

where VDi	is the local flow velocity at the actuator surface, V0 the freestream one. 
Combining this information with the kinematic and geometric parameters of the 

turbine, it is possible to evaluate the local flow conditions (blade relative velocity 
magnitude, angle of attack), serving then as input for the available tabulated polar data 
and so for the computation of exchanged aerodynamic forces. Since the induction factor 
depends in turn from the loads on the blade via the conservation of mass and momentum 
across the considered streamtube, the solution process has an iterative character. The 
whole procedure is applied first to the upwind region and then repeated in the downwind 
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one, using as undisturbed velocity VD1	the one assumed by the flow after its interaction 
with the front part of the machine. In this way, a more accurate description of the flow 
field across the rotor is achieved, possibly accounting for asymmetries introduced by 
phenomena such as dynamic stall or flow curvature. The assembling of the information 
coming from all streamtubes allows eventually to derive the angular profiles of the 
quantities of interest (extracted power, torque, transversal and streamwise thrusts, etc...) 
over a rotor revolution.  

 

 

Figure 1.10: Discretisation of the rotor swept area into multiple streamtubes, on a plane 
orthogonal to the turbine axis. 

Generally speaking, the DMST model has proven to be quite reliable in the prediction 
of the turbine global performances, i.e. power and thrust coefficients, when integrated by 
the proper set of sub-models (flow curvature, dynamic stall, streamtube expansion, struts 
losses, etc . . . ). Its accuracy nonetheless drops significantly at the local level, in terms of 
both instantaneous flow conditions and loads on the blades; such deficiency can be mainly 
attributed to the intrinsically low resolution of the method, which is not able to capture 
neither the flow pattern in the wake nor the vortical structures shed during rotor 
operation. In such perspective, a relevant contribution is given by the assumption of 
considering the streamwise induction factor only, not accounting for flow deflection in 
transversal direction [56]. Furthermore, the method is not able to cope, due to its own 
formulation, with not uniform flow inlet conditions, resulting unsuitable for the simulation 
of complex and turbulent environments. As a consequence of the combination of these 
characteristics and its very low computational effort, the DMST finds its natural field of 
application in the preliminary design of VAWTs.  

1.4.2 Lifting Line Theory (LLT) 

Vortex methods represent a special category in the frame of aerodynamic models. They 
exploit the conservation of vorticity, rather than that of mass and momentum, to evaluate 
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the mutual interaction between the flow field developing around the turbine blades and 
in the wake and the exchanged aerodynamic forces. In the field of wind turbine simulation, 
the most common is the Lifting Line Theory (LLT).  

 

 

Figure 1.11: Vortex discretization strategy used in the Lifting Line Theory (LLT) [57]. 

In this approach, the bound vorticity field around the blade is discretised as a spanwise 
array of single vortex filaments, concentrated in the center of pressure of the respective 
blade sections. The strength of each vortex source is expressed in terms of circulation (, 
and related to the lift and drag components of the exchanged aerodynamic force via the 
Kutta-Joukowsky theorem. In order to evaluate the effect of wind-blade interaction on 
the global flow field, the conservation of circulation stated by the Kelvin theorem is 
exploited:   5(56 = 5(%&'()&*56 + 5(+%,-56 = 0 (1.4) 

According to Equation 1.4, a variation over time of the aerodynamic load on the profile 
and so of the bound vorticity (airfoil  results in the shedding of a free-floating vortex 
filament in the wake, as shown in Figure 1.11. The simultaneous action of the two vortex 
systems results in a deformation of the undisturbed velocity field, quantified by the Biot-
Savart law. Combining this information with the kinematic and geometric parameters of 
the turbine, it is possible to compute the average profile relative flow velocity and angle 
of attack. These two quantities are used in turn to evaluate the exchanged aerodynamic 
forces via available tabulated CL, CD	coefficients. Once again, the whole process has an 
iterative character.  

The method formulation is intrinsically unsteady, since the progressive build-up of 
concentrated vorticity filaments in the wake modifies the predicted velocity field over 
time. If on one side this implies an increase in the overall computational time, dictated 
by the necessity of reaching a periodic solution, on the other side it determines a relevant 
improvement in temporal accuracy with respect to BEM models, making LLT suitable 
for the simulation of the turbine transient behaviour, e.g. start-up, or for aeroelastic 
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applications. In contrast with DMST, this approach is also able to fully resolve the flow 
field developing around the machine, including the wake, with a relatively low modelling 
effort; many of the phenomena for which the DMST requires an ad hoc sub-model, such 
as tip losses, are in fact already embedded in LLT base formulation [57].  

1.4.3 Actuator Line Method (ALM) 

The Actuator Line Method (ALM) combines a lumped-parameter representation of 
the turbine with the Finite Volume discretisation of the flow domain. Following the same 
Blade Element discretization used in the DMST, each blade is divided into N elements, 
assumed to behave aerodynamically as a two-dimensional airfoil. For every angular 
position assumed by the rotor, aerodynamic forces exchanged with the wind are 
determined from the local flow conditions, via the available tabulated polar data. They 
are then plugged into the computational grid, so that the flow field around the machine 
can be accurately resolved by means of CFD. This approach leads as a final result to the 
replacement of the turbine with a force field rotating in space (see Figure 1.12), providing 
a more accurate resolution of the interaction between the turbine blades and time-variant 
structures such as vortexes or their own wakes [58]. A detailed description of the method 
can be found in Chapter 3.  

 

 

Figure 1.12: Comparison between ALM and blade-resolved CFD for the VAT case. 

The main advantage of ALM is a strong reduction of the implementation effort and 
elaboration time associated to a fully resolved CFD simulation. Being based on blade-
element theory, it does not require in fact the resolution of the boundary layer 
encompassing the blade surfaces, with a corresponding strong decrease in the required 
computational resources [58]. Such feature, combined with the accuracy and flexibility in 
the resolution of the flow field given by CFD, makes it one of the most promising tools 
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for the simulation of VATs, giving it a great advantage with respect to DMST. For 3-D 
simulations, it currently represents the only option, given the immense computational 
cost of their blade-resolved counterparts [51]. For the single rotor, similar results can be 
achieved with the free wake LLT [59], which however is limited in the variety of inflow 
conditions and configurations it can deal with.  

The main drawback of the ALM approach, which comes from the blade element 
discretization used for the blades, is elevated sensitivity to input tabulated data and 
employed aerodynamic sub-models, which thus demand extreme care in their derivation 
and implementation. Due to the combination of these characteristics with specific issues 
of the Actuator Line approach, such as velocity sampling and the smearing of the blade 
forces in the domain (see Chapter 3), this class of models usually requires a large 
experimental and numerical validation effort, before they can be used in a reliable way. 

1.4.4 Computational Fluid Dynamics (CFD) 

Computational Fluid Dynamics (CFD) is an extremely powerful simulation technique, 
based on the discrete resolution of the Navier-Stokes equations. It is capable to reproduce 
a wide variety of flows with a relatively high accuracy. Thanks to these characteristics, 
this technique has become a standard research and verification tool in many sectors of 
the industry, such as the aerospace or the automotive one, where it has replaced in many 
aspects the experimental analysis. As a matter of fact, it allows not only a significant 
reduction of the time and costs associated to a new testing campaign, but also to study 
systems in which measurements are very hard or impossible, for instance the combustor 
of a jet engine or the tip of a large HAWT blade. Its main drawbacks are the elevated 
difficulty of implementation, which requires expertise in both fluid mechanics, numerical 
analysis and informatics, and its large computational effort, which in many cases 
represents a strong limit on the accuracy of the method. In the recent years however, the 
latter issue has been partially resolved by the availability of affordable high-performance 
hardware and computer clusters, further promoting the diffusion of this technique.  

In the frame of VATs analysis, CFD has demonstrated indeed the capability to provide 
an accurate description of the flow field developing around the rotating blades, allowing 
the proper estimation of the turbine behavior [51–54]. However, the computational cost 
associated to this numeric technique is extremely high. The elevated mesh density and 
reduced timestep required to resolve the complex aerodynamics of Darrieus rotors make 
the simulation of these machines extremely heavy, if not infeasible for the currently 
available computational power, even with a full turbulence modelling (RANS). If 2-D 
simulations can be still taken into consideration for analyses including a few cases, 3-D 
ones are still prohibitive [51]. Therefore, it cannot be used yet for applications in which a 
high number of configurations has to be tested in a relatively limited amount time, e.g., 
in industrial design routines. 
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2 Test cases 
 
 
Three different test cases have been selected for the present thesis work, as resumed 

in Table 2.1: two small scale VAWTs (from now on denominated “R515” and “R500”) 
for research purposes and a slightly larger hydrokinetic rotor (HKT), designed by the 
research group together with an industrial partner.   

The first two were dedicated to the development and validation of the ALM tool and 
other methodologies proposed in the current work, such as the LineAverage sampling 
approach (see Section 3.3). This choice is justified not only by the quantity and quality 
of the corresponding available benchmark data, which in the field of VAWT research is a 
rare opportunity, but also by the variety of the corresponding architectures, solidities and 
airfoils. Furthermore, both test cases fall in the low-to-medium solidity range, which is 
particularly indicated for hybrid simulation models, as their accuracy in fact strongly 
decreases going towards high-solidity configurations [60]. 

The hydrokinetic rotor on the other hand was employed in the development of the two 
power augmentation strategies proposed in this work, i.e., Gurney Flaps and variable 
blade pitch, as its characteristics are more suited to the development of industrial 
solutions. The use of this rotor is also interesting from a research point of view, as it 
allows, in contrast with the other two, to study the operation of Darrieus rotors in the 
medium-to-high Reynolds range (750x103 < Re < 2000x103) without the need to increase 
the scale of the machine. 

 

Table 2.1: Test rotors selected for the investigation. 

Dimension R515 R500 HKT 
Number of blades [-] 1 2 2 
Radius [m] 0.515 0.500 1 
Chord [m] 0.086 0.060 0.25 
Airfoil  NACA0021 NACA0018 DU-06-W-200 
Blade-spoke connection [x/c] 0.5 0.25 0.25 

Table 2.2: Test operating conditions. 

Inlet value R515 R500 HKT 
Tip-speed ratio [-] 3.3 2 4.5 2.5 
Wind speed [m/s] 9.0 10.2 9.1 2 
Work fluid air air water 
Density [Kg/m3] - - 998.2 
Pressure [Pa] 1.1e5 1.1e5 - 
Temperature [°C] 27 20 - 
Turbulence intensity [%] 0.05 0.24 0.24 
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2.1 One-blade rotor (R515) 
The R515 rotor derives from a prototype three-blade machine, extensively tested in 

the experimental facility of the Politecnico di Milano by Dossena et al. [61]. Recently, it 
has been used also as the validation test case for the Actuator Line Model developed in 
[62].  

For the present study, however, it was considered as test case its fictitious one-blade 
variant, simulated with a high-fidelity, three-dimensional blade-resolved CFD approach 
by Balduzzi et al. [51]. As a matter of fact, the corresponding availability of detailed wake 
velocity and blade spanwise loading data, combined with the absence of the solidity effects 
commonly encountered in the real multi-blade rotors, allowed to gain a deeper insight 
into the capability of the present ALM tool to reproduce the blade three-dimensional 
behavior, e.g., the tip vortexes, in high-load conditions (TSR=3.3). Furthermore, the 
peculiar position of the blade-spoke connection (x/c=0.5), makes this rotor the ideal 
candidate for the testing of the corresponding model introduced in this thesis work (please 
refer to Section 3.1.2).  

2.2 Two-blade rotor (R500) 
The R500 is a real two-blade, H-shaped Darrieus turbine (see Figure 2.1), tested in 

different studies [63,64] in the Open Jet Facility (OJF) at TU Delft.  
For this machine, both three-dimensional flow fields [63] and azimuthal blade forces 

profiles [64] at the turbine midspan are available from ad hoc post-processing of measured 
PIV (Particle Image Velocimetry) data, allowing to extend the analysis carried out for 
the R515 single-blade turbine to a higher solidity rotor. To further support the validation 
process, two-dimensional blade-resolved CFD simulations were also carried out (see 
Section 4.2.2), to be used as benchmark next to experimental measurements. 

The peculiarity of this test case is that reference blade loading data are available for 
both a turbine unstable (TSR=2), i.e., characterized by dynamic stall over a major portion 
of one rotor revolution, and stable (TSR=4.5) operation point, respectively. Details of the 
corresponding testing conditions are reported in as reported in Table 2.2. In the field of 
VAWT simulations, which is historically plagued by the scarcity of experimental blade 
force measurements, this data is particularly precious and in the present work was used 
by the author for two different purposes. The first one is the testing and validation of a 
novel angle of attack sampling methods for VAWTs, to be employed for both post-
processing of blade-resolved CFD data and ALM simulations (see Section 3.3). The second 
is the investigation of the capability of the methodologies implemented in the ALM tool 
to describe the effect of the dynamic stall phenomenon on turbine behavior, as in Section 
3.9.3. 
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Figure 2.1: Schematic view of the R500 test case: (a) isometric view (b) mid plane view (c) 
power coefficient curve. 

2.3 Hydrokinetic rotor (HKT) 
The third test case selected for the current study is a hydrokinetic rotor, to be used 

for the harvesting of the kinetic energy of small water flows, e.g., rivers and artificial 
canals. The latter was designed by the research group in the frame of a collaboration with 
an industrial partner [65] and is currently being tested on field.  

A heuristic approach was followed, starting the design process with the definition of 
the main geometrical parameters (rotor diameter, blade chord and height), whose values 
are reported in Table 2.1, and selection of the blade hydrofoil, in this case a DU-06-W-
200. The latter is mounted with outward concavity to enhance the power extraction 
during the upwind part of the rotor revolution. In this phase, the BEM code VARDAR 
[56] available at UniFi for the simulation of vertical-axis machines was employed. For the 
second part of the design process, different candidates, distinguished in terms of number 
and arrangement of the rotor blades, were generated and their behaviour simulated for 
different inflow water speeds. For the purpose, the same two-dimensional blade-resolved 
U-RANS CFD approach employed for this thesis work was employed. Eventually, the 
design process converged towards a two-blade rotor configuration (see Figure 2.2), as the 
one yielding the highest power coefficient CP and the lowest rotor shaft load oscillations 
in the streamwise and cross-wise directions. 
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Figure 2.2: Schematic view of the HKT test case: (a) isometric view (b) mid plane view (c) 
power coefficient curve. 

The main advantage of this test case is that, besides providing a first framework for 
the adaptation of VAWTs to hydrokinetic applications, it allows to extend the present 
investigation to the medium-to-high blade Reynolds range (750x103 < Re < 2000x103) 
without the need to increase too much the rotor size. This is achieved in virtue of the 
elevated density of water. In contrast with the other two wind-based test machines (R515 
and R500), which were mainly used for the validation of the ALM approach, the HKT 
rotor was employed in the core objective of this thesis work, i.e., the development of two 
novel power augmentation strategies for vertical-axis turbines, (see Chapter 1): Gurney 
Flaps and variable blade pitch. In the frame of the first activity in particular, Gurney 
Flaps were included from the start in a variant design of the HKT rotor, as explained in 
Chapter 5. 

 As hydrokinetic machines usually work at a constant water flow speed (see Section 
1.2.2), only the optimum operating point (TSR=2.5), i.e., the highest efficiency condition, 
was considered for this thesis work. The corresponding inlet conditions are reported in 
Table 2.2. 
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3 Actuator Line Model (ALM) 
 
 

In the Actuator Line Method (ALM) [66], the rotating blade forces are estimated from 
the local inflow conditions, based on input tabulated polar data, and then plugged into 
the computational grid as equivalent volume momentum sources. A CFD-based approach 
is used on the other hand to solve the corresponding flow field. Since the actual geometry 
of the turbine blade is not numerically resolved, but it is modelled via a lumped-parameter 
representation, the overall grid density of the simulation, together with the corresponding 
computational cost, is notably reduced. Taking as an example the 3-D simulation of the 
R515 rotor used as test case for the present thesis (see Section 2.1), the resolution of the 
flow field with a blade-resolved approach took 650 hours on a supercomputer having 16384 
cores for only 12 revolutions and using a research code able to parallelize almost linearly 
the calculation [59]. This resulted qualitatively in a reference specific calculation cost of 
approximately 887500 hours per revolution on a single core. Using the ALM on the other 
hand, the same specific cost was approximately 20 hours per revolution on a single core, 
so resulting in a reduction of more than five orders of magnitude. 

 

 

Figure 3.1: Overview of the ALM tool developed in the present thesis. 

In the field of HAWT analysis, the ALM, since the original work of Sørensen and Shen 
[66], has been largely developed and validated, reaching nowadays a satisfying level of 
maturity [67]. Different codes are available to researchers, that can be already used for 
advanced applications such as wind farm simulation [68] or aero-elastic analysis [69]. 
Considering VAT rotors on the other hand, various problems still remain unsolved or 
only partially tackled in the few examples presented in the relevant technical literature. 
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In the attempt to fill this gap in terms of the development between horizontal- and 
vertical-axis machines, a novel Actuator Line approach is proposed in the present thesis 
work for the widely diffused commercial CFD software ANSYSÒ FLUENTÒ (version 20.2). 
This tool has been specifically designed to address four issues (see Figure 3.1): 
1. Angle of attack sampling: the proper sampling of the blade angle of attack from the 

resolved flow field is fundamental for the accuracy of the ALM approach, as the 
computed forces mainly depend on such value. In the simulations of VATs nonetheless, 
this operation is anything but trivial, due to the severely unsteady conditions 
characterizing the operation of these machines. On top of that, the assessment of the 
accuracy of the sampled values is hindered by the chronic lack of ad hoc methodologies 
and reliable performance data for this class of turbines, especially the small-size ones. 
A second, apparently minor aspect is the quality of the AoA signal. The sampling 
process introduces in fact a certain amount of noise in the angle of attack history, 
which is then amplified in the numerical derivation required by the sub-models used 
in the ALM to account for unsteady aerodynamic effects such as dynamic stall. If the 
noise level of the signal becomes excessive, it might lead the simulation to divergence 
[62]. To tackle these issues, in this thesis a novel strategy for obtaining a high-quality 
angle of attack signal from the resolved flow field has been introduced. The 
LineAverage [70] sampling method, originally proposed for HAWTs, has been adapted 
to VATs and validated on high-fidelity CFD and experimental data of a test Darrieus 
rotor via a dedicated inverse procedure, as reported in Section 3.3. The latter was 
combined with a Cubic Spline Smoothing (CSS) algorithm for the low-pass filtering of 
the extracted signal; 

2. Aerodynamic modelling: The complex aerodynamics of VATs makes the accuracy of 
hybrid models such as the ALM extremely sensitive to the combination of the various 
sub-models used to account for higher-order phenomena [56]. Although the 
implementation of some of these effects, such as flow curvature [62,71,72] and dynamic 
stall [58,71–73], into an ALM framework has already been investigated by some 
researchers, very few studies analyzed their separated and combined influence on the 
predicted turbine performance. Besides performing a systematic analysis on this aspect 
(see Section 3.9), the present work also introduced for the first time two modifications 
to the ALM base formulation, to account for specific effects associated to the blade 
cycloidal motion. One is the correction of the blade torque for the airfoil pitching 
moment [74] (see Section 3.1.1), while the other is the influence on the blade dynamics 
of the Blade-Spoke Connection (BSC) point [74], i.e., the point where the blade is 
mounted on the support strut; 

3. Insertion of the computed blade forces into the computational domain: the majority of 
studies on ALM applied to VAWTs tend to marginalize this aspect, adjusting the 
parameters of the insertion function (Regularization Kernel) using as only criterion 
the stability of the simulation. In the proposed ALM tool, a more physically sound 
description of the flow pattern around the blades is achieved by relating the kernel 
distribution width to a characteristic dimension of the rotor blade, e.g., the chord, as 
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recommended by various works in the HAWT field nonetheless [75–77]. For further 
details, please refer to Section 3.2; 

4. End effects: the ALM has notoriously some issues when it comes to resolve the vortex-
like structures shed at the blade end (i.e., tip vortexes). As described in Section 3.5, a 
novel sub-model for the correction of the predicted blade loads along the span has 
been here adapted for the use with VATs. The latter makes use of LLT to compute 
the contribution to the downwash induced by tip vortexes, which is lost in the ALM 
due to the characteristic smearing of the blade forces in the computational domain, 
yielding accurate results without increasing the approach set-up and computational 
effort. 

 
An extensive validation has been carried out on selected test cases: a theoretical 1-

blade H-Darrieus rotor, derived from an existing turbine prototype, and a real 2-blade 
machine (see Chapter 2). An element of novelty of this work is that, in addition to the 
wake velocity data usually employed for the validation of this kind of tools, high-fidelity 
CFD and experimental blade loading data was used to assess the code reliability, as in 
Section 3.9.  

3.1 ALM algorithm 
In its most general formulation, the ALM algorithm can be synthetically described as 

follows. Please refer to Figure 3.2 for the adopted conventions. At each timestep, the 
Aerodynamic Center (AC) of each blade element, i.e., the corresponding airfoil quarter-
chord point, is located on the grid based on the turbine characteristics and operating 
condition.  

 

Figure 3.2: Conventions adopted for the present study. 
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The local undisturbed velocity V is then extracted from the previous timestep resolved 
CFD flow field, according to selected velocity sampling strategy. By combining it with 
the blade peripheral speed "R, the blade relative velocity W is obtained and used to 
evaluate the blade angle of attack & and chord-based Reynolds number Re, as in Eqs. 3.1 
and 3.2:  

 $ = arctan 78 9.9/ : (3.1) 

 .; = <92=  (3.2) 

 > = 0.5<29 0 ? @1($, .;) (3.3) 

 A = 0.5<29 0 ? @#($, .;) (3.4) 

where Wn and Wt are the blade relative velocity components in the normal and 
tangential directions with respect to the blade trajectory, respectively, c its chord, * the 
freestream flow density and µ the freestream dynamic viscosity. Such information is used 
to compute the airfoil lift (CL) and drag (CD) coefficients via linear interpolation of the 
tabulated aerodynamic data given as input to the code. In order to take into account 
second-order aerodynamic effects, these coefficients are corrected via ad hoc sub-models. 
Eventually, the blade element lift (L) and drag (D) forces are computed according to Eqs. 
3.3-3.4 and inserted into the computational domain as volume momentum sources fb, after 
having been smeared out by means of a proper function (Regularization Kernel). As a 
matter of fact, their direct insertion into the mesh cell intersected by the actuator line 
would cause a singularity in the solution, with the corresponding instability and numerical 
oscillations issues [78].  

After the above procedure has been performed for all the elements along the blade 
span, the modified governing equations for an incompressible flow, i.e., the continuity 
(Eq. 3.5) and momentum (Eq. 3.6), are solved: 

 B ? C = 0 (3.5) 

 < 7DCD6 + B ? (C E C): = 8FG + B ? (HC) + I2 (3.6) 

where v is the resolved flow velocity vector. 
When dealing with vertical-axis machines however, the formulation described so far, 

which is the standard for the majority of ALM codes, needs to be partially revised, due 
to the specific behavior presented by the turbine blades when moving in a cycloidal 
fashion. More in detail, two modifications, coming from the experience of the authors in 
the field of VAWT dynamics, are here introduced for the first time: the pitching moment 
and the blade-spoke connection (BSC) corrections.    
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3.1.1 Pitching moment 

In contrast with HAWTs, in Darrieus rotors the airfoil pitching moment CM operates 
in the same plane of the turbine rotation [79]. Thus, it must be taken into account as an 
additional contribution in the shaft torque computation, as in Eq. 3.7:   6JKLM; = N/ ? . + M = N/ ? . 8 @3 ?  0.5<209 0 (3.7) 

where the pitching moment CM comes from input tabulated data.  
As shown in Figure 3.3, the magnitude of the pitching moment grows considerably as 

the static stall limit is exceeded, since after that point the position of the airfoil Center 
of Pressure (CP), where the blade forces are actually applied, starts deviating significantly 
from the one of the aerodynamic center [80]. As a consequence, the weight of this 
correction becomes increasingly important as the operation AoA range is increased, i.e., 
as the TSR is reduced. 
 

 

Figure 3.3: Schematic representation of the pitching moment effect. 

3.1.2 Blade-Spoke Connection (BSC) 

The majority of aerodynamic codes are based on the assumption that the blade 
aerodynamic center (AC) and the Blade-Spoke Connection point (BSC), i.e., its point of 
connection to the corresponding support strut, always coincide. As demonstrated by 
Bianchini et al. [74], however, in the general case of BSC≠AC, this hypothesis introduces 
a notable error in the blade angle of attack and forces computation.  

On one hand in fact, the AC peripheral velocity presents an angular shift #bsc with 
respect to the nominal one "R. This provokes a deformation of the computed blade 
velocity triangles (see Figure 3.4), modifying the corresponding angle of attack, as in Eqs. 
3.8-3.10:  

 O456 = tan7$ 725.: (3.8) 

Ft

AC
CP30°

M30°

CP5°

M5°

-1.00

-0.75

-0.50

-0.25

0.00

0.25

0.50

0 15 30 45 60 75 90

C
M

[-]

AoA [deg]

static stall limit

NACA0018



Chapter 3 

28 

 9. = 808 sin(P) + 09 cos(P) + Q. tan(P456) (3.9) 

 9/ = 808 cos(P) 8  09 sin(P) 8 Q. (3.10) 

where #bsc is the BSC angular position, d is the AC-BSC distance and R is the turbine 
radius. It must be noted how, if ACºBSC, i.e., d=0, the last term in the computation of 
Εq. 3.10 vanishes, yielding the nominal relative velocity components. From a global point 
of view, this effect results in an apparent pitch applied to the turbine blade, of the same 
order magnitude of #bsc. 

 

 

Figure 3.4: Effects of shifting the AC with respect to the BSC on blade aerodynamics.  

On the other hand, due the shifting of AC with respect to BSC, a lever arm is 
introduced between the blade normal force and the turbine axis of rotation, as evident 
from Figure 3.4, so that an additional contribution arises in the computation of the torque 
at the shaft, as in:   

 6JKLM; = N/ ? . + R + N. ? 5 (3.11) 

3.2 Regularization Kernel 
A critical aspect of the ALM approach is the insertion of the computed blade forces 

into the computational domain [78]. The majority of studies on ALM applied to VAWTs 
tend to marginalize this aspect, adjusting the parameters of the insertion function 
(Regularization Kernel) using as only criterion the stability of the simulation (e.g. [78]). 
Various works in the HAWT field nonetheless [75–77] demonstrated how relating the 
kernel distribution width to the characteristics of the rotor blade, e.g., the chord c, can 
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increase the approach robustness and provide a more physically sound description of the 
flow pattern around the blades.  

 

 

Figure 3.5: Insertion of forces in the CFD domain via gaussian regularization kernel. 

Even the most basic kernel function in fact, i.e., the isotropic two-dimensional 
Gaussian kernel S, can be associated to a well-defined flow structure around the actuator 
point, in this case a Lamb-Oseen point vortex with a viscous core radius equal to the 
kernel width ! [81]. This smearing function is defined in Eq. 3.12:  

 T(K) = 1UV0 e:7;|<|= >"? (3.12) 

where r is the distance between the generic cell centroid and the actuator line. Such 
correspondence has been exploited over the years to reduce the gap between the ALM 
and the actual physics of the problem, thus minimizing the dependence on aerodynamic 
sub-models. Particular attention has been given to the resolution of tip vortexes, which 
remains one of the unsolved issues of this method. In their trailblazing work, Shives and 
Crawford [75] investigated the effect of different kernel widths ! and grid resolutions on 
the predicted load distribution over a finite wing case, concluding that a chord-based 
kernel width !W0.25c is the necessary condition for the proper simulation of tip vortexes 
with the ALM. As in that work the local inflow velocity is sampled at the center of the 
actuator line, a constraint on the ALM element size hALM < 0.25! was also added to avoid 
distortion of the computed angle of attack. These results were later confirmed for the 
simulation of horizontal-axis wind turbines (HAWTs) by Martínez-Tossas [50] and Jha et 
al. [76], who also proposed to improve the predicted circulation distribution along the 
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blade by reducing the kernel width towards the tip with an elliptical law. The concept 
was pushed further by Churchfield et al. [83], by replacing the standard isotropic Gaussian 
smearing function with an arbitrary one, varying in the airfoil chord-wise and thickness-
wise directions to better resemble the actual blade shape. Although effective, these latest 
methodologies require case-specific tuning and finer grids than the baseline ALM, 
implying a trade-off between the desired accuracy and the overall computational effort, 
which at the end is the true advantage of ALM simulations. 

 Therefore, in this work the standard two-dimensional Gaussian distribution (see Eq. 
3.12) was selected, leaving the development of more advanced kernel functions to future 
investigations. This strategy results in a cylindrical force distribution when considering 
the whole blade span, allowing to better model the geometrical discontinuity 
characterizing the blade tip, improving the resolution of the corresponding shed vortexes 
[84]. Furthermore, it does not suffer from the element-to-element overlap issues that are 
typical of the more common three-dimensional spherical kernel. Although very simple, 
the Gaussian kernel is conservative, i.e., the volume integral of the force distribution is 
always equal to the computed blade force, and easy to calibrate, as only one parameter ! 
is involved. The latter was related to the blade chord c and tuned against blade-resolved 
simulations, in both the two- and three-dimensional formulations, with the aim of 
minimizing the gap between the two predicted flow fields. For further details, please refer 
to Section 3.8.1.  

3.3 Velocity sampling 
When dealing with a solved flow field, two main issues arise, especially if a dynamic 

stall model, necessary to accurately predict the blade loads during turbine unstable 
operation, is to be implemented. 

 

 

Figure 3.6: Schematic representation of the different effects affecting the sampled angle of 
attack value.  
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First, it is important to extrapolate a correct value of the angle of attack (AoA) from 
the CFD solved flow field. This operation is anything but trivial, since it is required to 
extract a single incidence value from a three-dimensional velocity distribution. In the case 
of vertical-axis turbines in particular, the sampling point needs to be as close as possible 
to the airfoil, in order to capture the rotor blockage effect, i.e., slowing down of the flow 
due to interaction with the blades, and minimize the phase lag between the sampling 
point and the blade angular position. As schematically shown in Figure 3.6, this operation 
is complicated by the presence of a bound circulation associated to lift production, which 
deforms the flow field in the plane normal to the blade axis. This effect needs in fact to 
be filtered out via ad hoc techniques, paying attention not to remove other concurrent 
phenomena like those associated to wake unsteadiness or inflow turbulence [85]. Shifting 
to a three-dimensional perspective, the matter becomes even more challenging, as it 
becomes harder even to find a rigorous definition for the angle of attack. The latter is in 
fact a strictly 2-D concept [86]. The result is that the majority, if not all, methods 
currently available in the literature have some issues in finding a correct value for the 
AoA when dealing with massively separated flows or inherently 3-D flow structures such 
as tip vortexes [87]. If this represents a minor problem in HAWTs, where these issues are 
limited to the root and tip sections of the blade [87], it becomes of paramount importance 
when the focus is shifted on VAWTs. As anticipated in Section 1.2, in fact the blades of 
these machines are usually subject to large AoA oscillations, which in some parts of the 
rotor revolution largely exceed the static stall limit. On top of that, the majority of small 
VAWTs are characterized by blades with low aspect ratio, so that the influence of the tip 
three-dimensional flow is extended to a major part of their span. In the author’s view, it 
is important to remark that in this case the term “correct” must refer to the angle of 
attack value that, combined with a proper aerodynamic model, is able to yield the same 
blade load observed in the experiments. This idea will be exploited in Section 3.3.2 to 
validate the velocity sampling method selected for the present thesis work.  

The second issue is that the sampling operation is done most of the times on a limited 
number of points with no additional processing. The resulting AoA signal is thus very 
sensitive to disturbances coming from the solved flow field, (e.g., numeric noise, vortices, 
local errors, etc...), especially in the downwind region of the rotor. This issue becomes 
particularly critical when this signal needs to be numerically derived over time to be given 
as an input to a dynamic stall model, which in absence of ad hoc filtering strategies may 
lead to severe oscillations of the solution and, in extreme cases, to divergence [62]. So far, 
this problem has been explicitly addressed only in the work of Shamsoddin and Porté-
Agel [73], where the AoA history from the previous rotor revolution is smoothed via an 
eight-order polynomial before being used as an input for the ALM algorithm.  

In the attempt to overcome the two problems described so far, this work introduced 
the combination of a novel velocity sampling method (LineAverage) with a low-pass 
filtering of the sampled data to remove the corresponding background noise. The former 
was selected among different approaches from the literature after validation against 
experimental measurements on a real Darrieus prototype (see Sections 3.3.1 and 3.3.2). A 
dedicated procedure was developed to the purpose. The latter is achieved with a dedicated 
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Cubic Spline Smoothing (CSS) algorithm [88], which at the beginning of each rotor 
revolution is applied to the AoA signal coming from the previous one, so that no real-
time processing of the signal is required (see Section 3.3). A schematic overview of the 
proposed sampling algorithm is shown in Figure 3.7. 

 
 

 

Figure 3.7: Angle of attack sampling algorithm. 

3.3.1 Comparison of the sampling methods 

Different methods have been developed over the years for the extraction of the angle 
of attack on wind turbine blades, either from numerical (CFD) or experimental flow field 
data [87]. As discussed, the critical issue in doing so is the correct probing of the relative 
speed, which one has to use as a reference.  

The majority of available approaches, originally developed for horizontal-axis wind 
turbines (HAWTs), and in many cases adapted to VAWTs (e.g. [56,89]), are based on 
the use of one or several sampling points to gather information about the velocity field 
around the airfoil. The two methods from Shen et al. [90,91], later further developed by 
Bianchini et al. [56], for instance use one point in front of the airfoil, for then correcting 
the sampled velocity to account for lift-related induction effects. The same principle is 
exploited in Bachant et al. [71], with the difference that the sampling point is placed in 
correspondence of the actuator line, where velocity induction is supposed to be absent. 
More complex strategies use instead multiple points, conveniently arranged around the 
turbine blade to filter out spurious aerodynamic disturbances from the flow field, such as 
the 3-Points [92], the LineAverage [70] and Effective Velocity Method (EVM) [62,89]. 
Only a few approaches remained confined to HAWT applications, as they exploit the 
specific geometry of those machines. In Herráez et al. [93] for instance, the bound vorticity 
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contribution is filtered by locating the reference point on the bisectrix between two 
adjacent blades, while in the AAT [94] the inflow velocity is obtained as an annular 
average along the turbine swept area. For the sake of brevity, the specific characteristics 
of these strategies will not be illustrated here in detail, but they are resumed in Table 3.1. 

Table 3.1: Review of the velocity sampling methods currently available for vertical-axis 
turbines. 

Method Source Description 

Shen [90,91] velocity is sampled in one point and corrected for bound vorticity 

Quarter-chord [71] velocity is sampled at the airfoil aerodynamic center (only ALM) 

3-Points [92] velocity is sampled in 3 points on the pressure and suction side and then 
averaged 

LineAverage [70] velocity is sampled along a closed line around the airfoil and then 
averaged 

EVM [62,89] velocity is averaged along a closed line around the airfoil  

Integral [83] velocity is averaged on a surface around the airfoil, weighting sampled 
values on the local vorticity  

 
Although different one from each other, all these strategies have a couple of issues in 

common. Once again, being based on a two-dimensional modelling of the flow on the 
airfoil, they tend to lose coherence when the flow becomes inherently three-dimensional, 
i.e., near the blade tip or under massive flow separation, as anticipated in the previous 
section. In the case of VAWTs, there has been also in the last years a chronic shortage of 
reliable performance data. Due to this gap, which has been partially filled only recently, 
all these methodologies lack a proper validation. 

 
 

 

Figure 3.8: Position of the sampling points for the different methods: (a) 3-Points (b) Line 
average (c) Trajectory. 
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Starting from these considerations, in the present work the following approaches were 
picked from the literature and adapted to work with VAWTs: the 3-Points, LineAverage 
and Trajectory methods.  

3-Points method 

Originally developed by Rahimi et al. [87,92] to study the behavior of horizontal-axis 
turbines in yawed flow conditions, the 3-Points method exploits six points in total, three 
on the suction side and three on the pressure side of the blade, to extract the AoA 
information from the flow field. As shown in Figure 3.8a, for each side of the airfoil, the 
three points are located at a distance of 0.25c, 0.5c and 0.75c in the chord-wise direction 
starting from the leading edge, approximately 1c away from the blade aerodynamic center 
in the normal direction.  

The extraction of the AoA occurs in two main steps: 1) at each station along the 
chord, the average velocity vector is computed from the values sampled in the 
corresponding couple of points, via an ad hoc interpolation function; 2) the undisturbed 
velocity vector V is computed as the arithmetic average of the velocities coming from 
each station, as shown in equation 3.13: 

 X = 0 Y@ + 0 Y@@ + 0 Y@@@3  (3.13) 

Such strategy should be able to reduce the influence of bound circulation, together 
with the effects of upwash and downwash, over the measured incoming velocity. 
Furthermore, unlike other methods that have been developed for HAWTs, the 3-Point 
approach should be able to account for instantaneous velocity oscillations on the turbine 
blades, thus allowing one capturing also dynamic effects. 

LineAverage method 

The LineAverage method (LineAve) has been introduced by Jost et al. [70], in the 
attempt of increasing the accuracy of previously available methods in capturing the effects 
of shed and trailing vorticity on the measured angle of attack on turbine blades. To this 
end, the undisturbed velocity V is computed as the integral average of the flow velocity 
field along a closed line around the airfoil (see Figure 3.8b). According to the creators of 
the method, this sampling strategy should be able to completely remove the effect of 
bound circulation on the local inflow velocity, since in the averaging process the induced 
velocity components on any pair of opposite points on the closed path are levelled out, 
still accounting for the net distortion associated to trailing vorticity. This feature is 
particularly useful when modelling the flow around the blade tip. Nevertheless, since the 
method always includes the wake behind the profile, it might yield an unstable AoA trend 
when working in stalled conditions. 

In the present study, in particular, it has been chosen to use a circular sampling line, 
centered in the aerodynamic center of the airfoil (assumed as the quarter-chord) and with 
a radius r=1c. According to [70], this configuration yields the best performance in terms 
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of AoA sampling accuracy. Regarding the sampling resolution, two different 
configurations were tested, as shown in Figure 3.8b: a low-resolution (points #, N=6) and 
high-resolution (points #, N=80) ones. 

Trajectory method 

The Trajectory method is an adaptation by Bianchini et al. [56] to VAWTs of the 
approach proposed by Shen et al. [91], originally conceived for HAWTs. As shown in 
Figure 3.8c, the local inflow velocity is sampled in a single monitor point on the trajectory 
outlined by the rotating blade, at a specified distance upstream its aerodynamic center. 
In virtue of this strategy, the trajectory method is extremely easy to implement but, due 
to the lack of additional sampling points around the airfoil, it cannot provide any 
information about bound circulation and trailing vorticity. As a consequence, a theoretical 
model must be embedded into the method to account for the local flow deformation 
induced by these phenomena. More in detail, the vorticity distribution around the blade 
is modelled as a concentrated point vortex located in its aerodynamic center and with a 
magnitude equal to the bound circulation ", that, according to the Kutta-Joukowksy 
theorem, can be computed as:  Z = > <W (3.14) 

where L is the lift force on the blade, * is the freestream flow density and W is the 
relative air speed with respect to the airfoil. The induction exerted by the blade circulation 
on the flow at the sampling point is then computed via the Biot-Savart law: 

 0&. = Z  2[5 (3.15) 

being d the distance between the sampling point and the blade aerodynamic center. 
The undisturbed velocity V is obtained by subtracting the induced velocity vector Vin 
from the one sampled in the monitoring point Vs: 

 X = XA 8 XBC (3.16) 

Once V is known, the angle of attack α is computed from Eq. 3.1. It must be noted 
that, since the lift force L is dependent on &, the procedure described so far must be 
applied in an iterative way. As demonstrated by Bianchini et al. [56], such correction 
strongly increases the robustness of the method, making the computed AoA almost 
independent from the sampling point position. Following the guidelines proposed in the 
same study, a distance of 1c between the sampling point and the blade quarter-chord is 
adopted for the current work. 

 
The selected methodologies were applied to the numerical flow fields coming from 2-

D blade-resolved simulations of the R500 two-blade turbine (see Section 2.2) after 
validation against high-resolution PIV wind tunnel measurements, as reported in Section 
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4.2.2. The analysis was repeated for the two available operating conditions, i.e., TSR=2 
and TSR=4.5, in order to reconstruct the corresponding blade relative speed W and angle 
of attack AoA along one rotor revolution.  
 

 

Figure 3.9: Comparison between the different sampling methods for: (a) TSR=2 (b) TSR=4.5 

Upon examination of Figure 3.9, fairly good agreement in terms of AoA between the 
tested methods is observed for low blade load conditions, i.e., for AoA £ 5°. When the 
angle of attack further increases up to the static stall limit (AoA≈10°), the different curves 
start diverging one from the other. The overall deviation, however, remains limited to a 
few degrees. Conversely, as the static stall limit is largely exceeded, the scattering between 
the various curves grows exponentially, leading to deviations larger than 10° in the most 
critical conditions (e.g., #=100°, TSR=2). In particular, the Trajectory method is the one 
predicting the highest AoA values, followed by the LineAverage and 3-Points ones. Such 
phenomenon can be understood by recalling the theory underlying the formulation of the 
adopted methods. All of them are in fact based on the two-dimensional inviscid airfoil 
circulation theory [80], which assumes that the local flow around the blade can be 
interpreted as the superposition of the freestream and a free-vortex flow, which in turn 
depends on the intensity of the circulation " on the profile. As long as this condition 
holds, i.e., viscous phenomena are confined to the narrow region in the airfoil boundary 
layer and wake (attached flow), the different methods maintain a fair coherence one with 
the other. This occurs in a certain measure for TSR=4.5.  

On the contrary, when the static stall angle is exceeded, massive separation occurs on 
the airfoil surface. The circulation around the blade, as well as the overall vorticity 
distribution, are disrupted by the growth of the suction side boundary layer or, in case of 
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dynamic stall, by the shedding of vortexes. This phenomenon is evident from Figure 3.10, 
where the vorticity fields for the two conditions, as well as the position of the sampling 
points, are compared. For this reason, when applied to a critical rotor operation such as 
that at TSR=2, these methods become extremely sensitive to the arrangement of the 
monitoring points. The stall phenomenon has notable implications for the 3-Points and 
LineAverage methods, in virtue of their characteristic sampling scheme. For a specific 
angular position of the blade, some sampling points in fact might fall in the separated 
region on the airfoil suction side (see Figure 3.10), introducing a relevant bias in the 
extracted AoA value. The main consequence is the onset of the severe oscillations observed 
in the corresponding AoA trends, as shown in Figure 3.9. If the extent of such irregularities 
is limited for the 3-Points approach, although not negligible, it becomes extremely 
relevant for the LineAverage method, due to the higher number of sampling points falling 
in the airfoil wake.  

 

 

Figure 3.10: CFD vorticity field for: (a) TSR=2 (b) TSR=4.5. 

3.3.2 Validation of the sampling method 

In order to assess the actual accuracy of the sampling approaches from Section 3.3.1, 
an ad hoc inverse verification procedure was devised. The idea behind this algorithm is 
the one already outlined in Section 3.3, according to which the “correct” value of the 
blade angle of attack is the one that, combined with the aerodynamic model of choice, 
yields the blade loading observed in the experiments.  

The proposed strategy exploits the pitching CFD airfoil tool described in Section 4.1 
as an equivalent model of the original VAWT rotor, which is able to evaluate the blade 
loads profile as a function of the input AoA history. If the pitching motion law is imposed 
to be equivalent to the trend of the relative incidence “seen” by the VAWT blade during 
one revolution, then it becomes possible to have an esteem of the turbine blade lift and 
drag coefficients azimuthal profiles. Since the input AoA history is directly extracted from 
the full rotor CFD flow fields via the selected sampling methods, the resulting force 
coefficients can be used to reconstruct the corresponding aerodynamic forces trend over 
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one rotor revolution. Once each tested AoA sampling method has been assigned its 
respective blade forces dataset, it is straightforward to compare it to the one computed 
with the original blade-resolved CFD model of the turbine, obtaining as a result the 
relative accuracy of the different sampling approaches under study.  

 

 

Figure 3.11:  Workflow of the developed inverse procedure for AoA sampling verification 

A detailed view of the corresponding workflow is shown in Figure 3.11. More 
specifically, the following steps can be identified: 
a. the AoA azimuthal profile coming from the selected sampling method is given as 

rotation history in input to the pitching CFD model, while the corresponding W profile 
is averaged and applied as uniform value at the inlet of the computational domain; 

b. the “Darrieus-like” pitching airfoil CFD simulation is run until periodic convergence 
is reached;  

c. the pitched lift and drag curves as a function of AoA are combined with the sampled 
AoA and W profiles as a function of the azimuthal position to evaluate the 
corresponding normal and tangential forces acting on the blade, as if it was mounted 
on a Darrieus rotor. 

 
It must be noted how, before being used in the pitching CFD model, the turbine blade 

had been conformally mapped in an equivalent cambered airfoil. This procedure is 
necessary to take into account the flow curvature effects characterizing the profile when 
rotating in VAWT motion, as illustrated in detail in Section 3.6.3. The effect of Reynolds 
variation on the blade loads on the other hand is not accounted for, as the inlet velocity 
value used for the pitching airfoil simulations is the average of the sampled W over one 
rotor revolution.  

 For the present work, the analysis was limited to the stable branch of the turbine 
power curve (TSR=4.5), due to the inherent difficulties of developing a reliable CFD 
model for the rotor behavior during unstable operation (TSR=2). Figure 3.12 compares 
the lift and drag coefficients from the post-processing of the Darrieus turbine results 
(“sampled”) with those from the performed pitching airfoil simulations (“pitched”), among 
which the LineAverage data only was picked to improve readability. Both sampled and 
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pitched loops are characterized by a notable hysteresis. Considering that, as already 
mentioned, the adopted pitching model does not include the influence of blade Reynolds 
variation, this is an indicator of the relevant influence of potential unsteady effects on 
blade behavior even in absence of dynamic stall. This hypothesis has been confirmed in 
the publication corresponding to this activity via the analysis of the pressure distributions 
around the airfoil [95]. While for the lift coefficient the pitched and sampled hysteresis 
amplitudes are comparable, for the drag the former tends to be larger. The source of this 
deviation has not been verified, but in the author view could be related to the kinematic 
differences between pure pitching and VAWT-like kinematics, as the latter is also 
characterized by a plunging motion component [8]. The aforementioned absence of 
Reynolds effects can also play a role, although of minor importance. 

 

 

Figure 3.12: Comparison of lift (a) and drag (b) coefficient hysteresis loops obtained with 
pitching airfoil model for TSR=4.5 

Entering the details of the comparison between the different sampled data, it can be 
observed at first glance how the drag profile from the 3-Point sampling deviates from the 
pitched one in an inherently unphysical way, reaching its minimum at the maximum angle 
of attack (AoAW8°). The corresponding tangential force profile in Figure 3.13 is in fact 
largely underestimated with respect to that coming from the validated VAWT CFD 
model, with a peak value of approximately -34% at #=100°. For this reason, this method 
is not suited for the proposed application.  

The Trajectory method predicts on the other hand the highest CL and CD values, 
especially for high angles of attack. Such phenomenon is particularly evident in Figure 
3.12, where, apart from differences in the predicted AoA range, the sampled lift curve 
tends to deviate from the pitched LineAverage one already for AoA \ 4° in the ascending 
branch of the curve, for then largely overestimating it in the descending one. At a first 
glance, this seems not to be the case for the drag curve (see Figure 18b), since the sampled 
and pitched loops present a fair agreement, at least in average terms. Due to the 
discontinuities affecting this approach for low AoA values [95], it has not been possible to 
reconstruct the corresponding blade forces.  

The LineAverage approach is eventually the one presenting the best agreement 
between the pitched and sampled data (see Figure 3.12). The lift curves are fully coherent 



Chapter 3 

40 

one with the other, except for a small deviation in the ascending branch of the loop at 
high angle of attack (7° £ AoA £ 10°), resulting in an almost perfect matching of the 
VAWT normal force (see Figure 3.13). Nonetheless, the reconstructed tangential force is 
underestimated with respect to the reference one over the whole rotor revolution, due to 
the aforementioned issues in the estimation of the drag coefficient by the pitching airfoil 
model. This difference is particularly marked in the first half of rotor upwind revolution 
(0° 3 # 3 100°), reaching its maximum at the peak torque point.  

 

 

Figure 3.13: Comparison in terms of blade normal (a) and tangential (b) forces azimuthal 
profiles between CFD and inverse reconstruction procedure, for TSR=4.5 

With all the limitations of the investigation presented so far, the LineAverage 
approach has proved to be the most accurate method when dealing with stable turbine 
operation (TSR=4.5), with the highest degree of agreement not only between sampled 
and pitched aerodynamic coefficients, but also between reconstructed and simulated blade 
forces. For the reasons above, it has been selected by the author to be embedded in the 
ALM simulation tool proposed in the current thesis work.  

Details about implementation into the ALM code and calibration of this sampling 
strategy can be found in Section 3.8.2. 

3.3.3 Cubic Spline Smoothing (CSS) 

Introducing a filtering of the AoA signal into an ALM code is not an easy task. As a 
matter of fact, the inherently unsteady formulation of the approach would require a real 
time, i.e., based on the signal instantaneous values, processing of the sampled angle of 
attack data, before being used to compute the corresponding blade loads. As shown in 
Figure 3.14 for the moving average case, this procedure leads inevitably to the 
introduction of a phase lag in the smoothed data, which, considering the small timescale 
at which dynamic stall oscillations occur in VAWTs, is not acceptable from an accuracy 
point of view. For this reason, in this work the angle of attack history subject to filtering 
is the one sampled in the previous rotor revolution [73], as shown in Figure 3.7. Under 
the assumption of periodic convergence, the approximation introduced by this strategy 
becomes negligible, justifying its use for the present application. The only drawback is 
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that there is no angle of attack derivative over time $% available at the first revolution. 
This issue was solved by computing it with the theoretical value $/%  from [8]: 

 $/% = "(TSR cos O + 1) ,-.0 + 2 ,-. cos O + 1 (3.17) 

In order to understand which filtering method was the most suitable for the present 
application, different strategies from the literature were applied to the raw AoA history 
coming from the ALM simulation of the R500 two-blade turbine (see Section 2.2) for 
TSR=2. Figure 3.14 reports the comparison between the raw signal and the smoothed 
ones. Unlike polynomial fitting and centered moving average, sinusoidal and Cubic Spline 
Smoothing (CSS) [88] provide, if properly set, an excellent approximation in a least-
squares sense of the original data.  

 

 

Figure 3.14: Comparison of different smoothing methods.  

For the present work, the latter has been selected, due to the higher flexibility and 
ease of implementation. The filter parameters ZSP and ZPV, corresponding to the number 
of samples used to model the spline (rigidity) and to the percentage of the original data 
variance included in the fitting, were set respectively to n/4 and 0.99, according to a 
dedicated calibration. The value n is the length of the AoA history vector. 

An example of the application of the CSS filter is reported in Figure 3.15 for the R500 
turbine. It can be observed how, if properly tuned, this approach provides a good 
smoothing performance for different operating points of the machine. It is interesting to 
point out how the level of noise in the raw signal increases with the rotor tip-speed ratio, 
due probably to the higher intensity of the volume forces inserted into the computational 
domain and so of the velocity gradients forming around the actuator point. As a 
consequence, the CSS filter is the most needed not for the simulation of the turbine 
unstable operation, rather near the optimum.  
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Figure 3.15: Example of the CSS filter application to the angle attack derivative over time 
signal from the ALM simulation of the R500 rotor. 

3.4 Dynamic stall model 
Due to the intrinsically oscillating flow conditions in which VAWT blades operate, the 

presence of a dedicated model for the computation of the corresponding unsteady loads 
has become fundamental for the accurate simulation of these machines [56,96]. In contrast 
with what has been recommended so far in the literature, in this thesis it will be 
demonstrated how this necessity covers the entire operating range of the turbine, rather 
than the medium-low TSRs only, where the dynamic stall phenomenon is the most 
prominent.  

3.4.1 Dynamic stall on Darrieus turbines 

At the higher TSRs in fact, even though the airfoil works in attached flow conditions 
along the whole rotor revolution, a delay is observed between the incident flow and the 
blade loads, which introduces a not negligible deformation in the overall thrust and torque 
profiles [97]. As the TSR is lowered towards the optimum and the unstable branch of the 
power curve, raising the blade angle of attack beyond the static stall limit for a relevant 
portion of one rotor revolution, it becomes impossible to obtain even a fair estimation of 
the blade loading history without a proper dynamic stall modelling.  

A schematic overview of the different phases of this phenomenon during the operation 
of a Darrieus rotor is shown in Figure 3.16. In dynamic conditions, the motion of the 
boundary layer separation point from the Trailing (TE) to the Leading Edge (LE) is 
slower than in the static case, due to the combination of a lagged response of the LE 
pressure distribution to changes in the AoA and a variation in the behavior of the 
boundary layer itself [98]. The latter is in fact dominated by a progressive roll-up of the 
shear layer around the Leading Edge. The result is an overall delay of the static stall 
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onset, with an enhancement of the lift and drag values with respect to the static case (see 
point 2). This phase is commonly denominated “light stall”, according to the convention 
introduced by McCroskey [99], and is maintained until the angle of attack does not exceed 
a certain threshold, usually called dynamic stall angle &DS, beyond which the vortex 
rolling-up at the Leading Edge, i.e., the Leading Edge Vortex (LEV), starts moving along 
the airfoil chord.  

 

 

Figure 3.16: Schematic representation of the dynamic stall phases in a Darrieus rotor, adapted 
from Leishman [97] and Paraschivoiu [8]. 

This event marks the beginning of the “deep stall” phase and it is followed by an 
abrupt degradation of the airfoil performance, with an overshoot of both lift and drag and 
a shift of the Center of Pressure to the rear of the blade [99] (point 3). As the LEV leaves 
the airfoil from the trailing edge, the flow becomes fully separated and, in some cases, 
multiple vortex shedding can occur. Eventually, as the angle of attack is progressively 
reduced, the separated boundary layer re-attaches to the profile (point 4). This process 
has not been fully understood yet and it is inherently difficult to model [100]. 
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3.4.2 Dynamic stall models 

In the attempt to provide a robust and accurate estimation of the blade load distortion 
induced by dynamic stall, numerous models have been proposed over the years. No widely 
accepted criterion for their classification has been proposed so far in the scientific 
community, as the number of approaches and their variants and modifications is 
extremely high. For the present thesis work, it was established to classify them according 
to which phases of the phenomenon (as they were defined in Section 3.4.1) are included 
and how the latter are modelled (see Table 3.2).  

The simplest yet most robust family of these methods comes from the original Boeing-
Vertol model by Harris et al. [101], in which dynamic effects are included by simply 
modifying the geometric angle of attack as a function of the airfoil geometry and the flow 
reduced frequency (see for example Eq. 3.18). Originally developed for helicopters, where 
angle of attack oscillations are lower and compressibility effects have a relevant influence 
on blade aerodynamics, this model was later extended by Gormont [102] based on an 
extensive experimental database. The adaptation of the latter approach to wind turbines 
was first performed by Strickland et al. [103] under the assumption of incompressible flow 
and then modified by Paraschivoiu et al. [104] and eventually by Massè and Berg 
[105,106], who introduced a damping function to reduce the amplitude of the hysteresis 
predicted in the deep stall phase. As reported in Table 3.2, the methods belonging to this 
class do not have an explicit formulation for unsteady blade loads during attached flow 
as well as the LEV dynamics, with a consequent low accuracy when applied to the turbine 
unstable operation (see Section 3.9.3). Their main advantages are nonetheless ease of 
calibration and robustness, especially when working with strongly non-linear polar data 
as the low-Re curves used in the present work (see Section 3.6). More advanced 
approaches are in fact based on the linearization of the lift curve, thus being more suited 
to high-Re operation.  

On the other extreme of the spectrum there are all the variants of the Beddoes-
Leishman model, both in the indicial [98] and state-space formulations [100]. This 
currently features the most complete and physically sound formulation among those 
available in the literature, with a dedicated sub-model for all the different phases 
characterizing the dynamic stall cycle, including secondary vortex shedding. Two 
adaptations to wind turbines have also been proposed by Hansen et al. [107] (Risø model) 
and Shen et al. [108], removing the effect of compressibility and tailoring the dynamic 
stall criterion to the thicker airfoils used in the wind industry, respectively.  The only real 
limit of this family is the elevated number of required input parameters, which in case of 
the original formulation goes up to 33.  

In between the Boeing-Vertol and the Beddoes-Leishman models there is wide variety 
of approaches, intermediate for accuracy and complexity. One of the most famous was 
developed at the ONERA Laboratory by Tran and Petot [109,110], where the difference 
between the real polar curve and the ideal linear one is used as a forcing term to a set of 
differential equations describing the blade dynamics. Nonetheless, the Leading Edge 
Vortex (LEV) is not modelled explicitly. The MIT model [111] is on the other hand 
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focused on the modelling of the LEV dynamics, based on a simplified formulation derived 
from experimental observations. Although quite predictive in certain cases, in general it 
is not very robust in light stall cases where the influence of the LEV is small or absent.   

The latest generation of dynamic stall models, in particular those from Snel [112] and 
Adema [113], also called “second-order” models, extended the work of Beddoes-Leishman 
with a second-order differential equation for an improved resolution of the secondary 
vortex shedding phenomenon. This kind of formulation adds to the original complexity of 
the Beddoes-Leishman model some stability issues related to the time-marching of the 
second-order term. Their development is in fact still in progress.  

Table 3.2: Review of the dynamic stall models currently available for wind turbines. 

Family Source Type Loads 
Modelled phases 

attached 
flow 

light 
stall 

deep 
stall 

vortex 
shedding 

Boeing-
Vertol 

[101,103–
106] 

semi-
empirical CL, CD ✕ ✓ ✕ ✕ 

MIT [111] semi-
empirical 

CL, CD, 
CM ✕ ✓ ✓ ✕ 

ONERA [109,110] semi-
empirical 

CL, CD, 
CM ✓ ✓ ✕ ✕ 

Beddoes-
Leishman 

[98,100,10
7,108] 

semi-
empirical 

CL, CD, 
CM ✓ ✓ ✓ ✓ 

Snel [112,113] second-
order CL, CD ✓ ✓ ✓ ✓✓ 

3.4.3 Berg model 

The choice of the dynamic stall model to be used for the present thesis work fell on 
the latest formulation from the Boeing-Vertol family, i.e. the one from Berg [105]. 
Although less advanced than the majority of the approaches available in the literature 
(see Section 3.4.2) in fact, this model is extremely robust, easy to calibrate [96] and able 
to deal with both low- and high-Re input polar data. The latter point is particularly 
important for this work, since two of the three rotors selected for the tests operate with 
a low blade Reynolds number (see Section 3.6). In the author view, it was thus considered 
to be a good starting point, to be improved and eventually replaced with more advanced 
models in future studies.  

In its most general form, the Berg model represents an adaptation to VAWTs of the 
semi-empirical Gormont one [102], originally developed for helicopter blades. Dynamic 
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effects are embedded in the solution by entering the available polar data with a modified 
angle of attack &ref (Eq. 3.18):  

 &'-( = & 8 K$]& (3.18) 

where K1 is an empirical constant, accounting for the direction of the angle of attack 
variation, i.e., whether the flow is detaching or reattaching to the airfoil, via a discrete 
function of the derivative over time of the angle of attack $%: 

 ^$($%) = _1,           $% \ 080.5, $% < 0 (3.19) 

In order to avoid the unphysical discontinuities introduced by Eq. 3.19 in the lift and 
drag coefficients predicted by the model, in the present work the original formulation has 
been replaced by a smoothstep function, defined in Eq. 3.20: 

 ^$D5E))/F($%) = `aJJ6b`6;G($%, c) (3.20) 

where d is a smoothing constant, whose effect is clearly shown in Figure 3.17, which is 
tuned based on the maximum theoretical $% reached during the simulation. 

 

Figure 3.17: Smoothing of the K1 constant.  

On the other hand, e& is a dynamic correction to the static angle of attack & and 
varies linearly with an index of unsteady forcing S, derived from reduced frequency, via a 
set of sensitivity parameters 'i that depend on the airfoil maximum thickness t/c and on 
the Mach number M:  

 ]& = f'$(R) ? -,                                              - 3 -G'$(R) ? -G(6 2)⁄ + '0(R) ? (- 8 -G),            - > -G  (3.21) 
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where SC is a threshold parameter depending on t/c. It must be noted how 'i assumes 
different values whether lift or drag are considered, leading to different correction for the 
two curves. The reduced frequency index S takes the form:  

 - = gh 2$%29h (3.22) 

Eventually, dynamic lift and drag coefficients are evaluated by plugging &ref in the 
available static tabulated polar data. In order to distinguish between the attached and 
separated flow regions, an ad-hoc extrapolation procedure is used for the lift coefficient:  

 @1H9. = @1($!) + a($ 8 $!) 
(3.23) 

 CIH9. = @#($'-() 
where the slope m is determined from the following equation:  
 ai j k@1l$'-(m 8 @1($!)$'-( 8 $! ,   @1($JJ) 8 @1($!)$JJ 8 $! n (3.24) 

where &0 is an arbitrary reference angle of attack, in this case the zero-lift one. 
According to Massé [105], the Gormont model, being originally developed for helicopter 
blades, for which the maximum angle of attack is much lower than for VAWT ones, tends 
to overestimate dynamic stall effects in the deep stall region; as a consequence, the author 
proposed to compute the dynamic lift and drag coefficients as linear interpolation between 
the static and the Gormont ones:  

 @1E)H = o@1 + aKp@1H9. 8 @1q,                      $ 3 r3$JJ@1,                                              $ \ r3$JJ  (3.25) 

 @#E)H = o@# + aKp@#H9. 8 @#q,                     $ 3 r3$JJ@#,                                              $ \ r3$JJ  (3.26) 

 aK = s r3$JJ 8 $r3$JJ 8 $JJt (3.27) 

where AM is a tuning semi-empirical constant. Calibration of the model for the present 
work is reported in Section 3.8.3. For a complete description of its formulation, here 
reported in its main aspects, please refer to [106]. 

3.5 3-D effects 
It is a well-known in the scientific community that the Actuator Line Method (ALM) 

currently falls behind other medium-fidelity methodologies such as the Lifting Line 
Theory (LLT) [59] when it comes to resolve the vortex-like structures shed at the blade 
end (i.e., tip vortexes) and their effect on the blade spanwise load profile. This accuracy 
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gap is particularly evident when simulating higher Tip-Speed Ratios (TSRs), where the 
ALM tends to largely overestimate the rotor power production [114].  

Two main strategies have been proposed over the years to overcome this issue. The 
former, as already detailed in Section 3.2, modifies the three-dimensional distribution of 
the force smearing function to obtain the desired induction along the blade. Although 
effective, this approach tends to impose stricter mesh requirements on ALM simulations 
and the obtained results are largely dependent on the chosen kernel width value. These 
two drawbacks can be avoided by adopting the second strategy, i.e., a dedicated sub-
model for the correction of the predicted blade loads along the span.  

In the current thesis work, it was opted for two different sub-models, the classic 
formula from Glauert [115] and the novel Da!-Sørensen (DG) correction. This hybrid tip 
loss model was simultaneously introduced by researchers at the National Renewable 
Energy Laboratory (NREL) [52] and Danmarks Tekniske Universitet (DTU) [81,117]. As 
explained in detail in Section 3.5.2, it makes use of LLT to compute the contribution to 
the downwash induced by tip vortexes, which is lost in the ALM due to the characteristic 
smearing of the blade forces in the computational domain, yielding accurate results 
without increasing the approach set-up and computational effort. 

3.5.1 Glauert correction 

The Glauert correction [115] belongs to a family of analytical approaches originally 
developed for HAWTs and that is currently used to account for tip losses in the majority 
of BEM codes, although with various semi-empirical modifications (e.g., the Shen 
correlation [118]). This approach is based on the definition of a factor F u [0 1], which is 
used to correct the rotor forces (or in the case of the BEM, the induction coefficient). The 
computation of this factor is based on a potential model of the turbine wake, under the 
assumption of no expansion and/or distortion. Therefore, it suited only for lightly-loaded 
rotors. In the current work, the original formula was adapted to the use with vertical-axis 
machines:  

 N (v) = 2[ ? acos s;wG 78 12 x4(y 8 v) v ? `ij($):t  (3.28) 

where z is the blade spanwise coordinate, Nb the number of blades and H the rotor 
height. In the present ALM tool, the correction is applied to the computed blade forces. 
Although, from the authors point of view, this methodology has a degree of approximation 
that is not acceptable for the simulation of VAWTs, it represents a good example of the 
current state-of-the-art for tip losses modelling. Therefore, in the current work it was 
selected as a reference for the comparison with the more advanced Da!-Sørensen 
correction. 
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3.5.2 Da!-Sørensen correction 

The Da!-Sørensen correction is based on the observation that, when using an isotropic 
Gaussian smearing function, the insertion of ALM forces has the same effect on the local 
flow field of a Lamb-Oseen vortex with a viscous radius equal to the force projection 
width ! [81]. The same vorticity pattern is propagated to the vortex sheet developing in 
the airfoil wake, which is responsible for the downwash effect commonly associated to tip 
vortexes. As shown in Figure 3.18 nonetheless, the presence of the viscous core results in 
an underestimation of the downwash magnitude with respect to the ideal inviscid case 
represented by the LLT solution. For this reason, the ALM tends to overestimate the 
blade loading approaching the blade tip. 
!

 

Figure 3.18: Schematic representation of the Da!-Sørensen correction 

This issue can be overcome by computing the induced velocity distribution associated 
to each trailing vortex element from the analytical formulations of the Lamb-Oseen and 
inviscid vortexes and scaling it with the local circulation (w,j. The latter is obtained as 
the circulation difference (i+1- (i between two adjacent ALM elements. The downwash 
for each i-th cell wcorr,i is then obtained by summing the contributions along the whole 
blade span, as in Eq.  3.29: 

 z6)''D& = { (wL4[5&L
M+$
L=$ ? exp |8 5&L0V0}   (3.29) 

where dij is the distance between the i-th ALM and the j-th vortex element. The angle 
of attack for each ALM elements can be eventually calculated as: 

 $& = $ND& 8 $+D& = $ND& 8 z6)''D&9&   (3.30) 

where &g,i is the angle of attack sampled from the ALM simulation, while &w,i is the 
downwash angle, obtained from the ratio between wcorr,i and the ALM element relative 
velocity Wi. This is valid under the assumption that the computed incidence remains 
relatively small (tan $+ W $+). 

Due to the strongly non-linear nature of the problem, the latter needs to be resolved 
in an iterative way. For the purpose, in this work the algorithm developed by Anderson 
[119] for the Nonlinear Lifting Line Theory (NLLT) was employed. More in detail: 
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1. an initial circulation distribution "0(z) is computed from the sampled angle of attack;  
2. the angle of attack distribution is evaluated based on Eqs.  3.29-3.30; 
3. the circulation along the blade span is updated via the Kutta-Joukowsky condition, 

i.e., (& = 0.5 ? @1D&($&) ? 29& . In this work in particular, for stability reasons, the 
relationship between the lift coefficient CL,i and the angle of attack is assumed to be 
linear, @1D& = a ? $&; 

4. under-relaxation is applied, (&D.-+ = (& + A ? ((&D.-+ 8 (&), with D = 0.05 [119]. 
!
Steps 2-4 are repeated until the circulation error (&D.-+ 8 ( is reduced below a certain 

tolerance, here taken as 10-3. It must be noted that the procedure described so far, in 
contrast with the original work of Da! and Sørensen [81], does not account for the 
contribution of the vorticity shed in the wake. For Darrieus machines in fact, the vortex 
lines shed by the blades tend to self-intersect as the wake develops downstream, making 
the evaluation of the corresponding induced velocity extremely challenging [61].  

3.6 Polar data 
As for every aerodynamic code based on the blade element theory, the accuracy of the 

ALM methodology is largely based on the quality of the input polar data [120–123]. In 
the frame of VAWTs, this task becomes extremely challenging due to their working 
principle.  

As a matter of fact, during a revolution the single turbine blade experiences large 
oscillations of the angle of attack, with increasing amplitude going towards the lower 
TSRs; at start-up such range can extend up to [-180°,180°]. As a consequence, polar data 
must cover not only the attached flow region, as in most aerodynamic problems, but also 
the post- and deep stall ones (see Figure 3.19), where it is notoriously difficult to obtain 
accurate results, both experimentally and numerically [123]. 

The situation is made even more complex by the simultaneous fluctuation of the blade 
relative velocity magnitude and so of the local Reynolds number. For small VAWTs, such 
as the ones under consideration, this issue is particularly critical since the turbine blades 
operate under the low-Re regime (Re ~ 500k). As it will explained in Section 3.6.1, the 
presence of laminar separation bubbles in fact not only makes it notoriously complicated 
to obtain reliable aerodynamic data from experiments or numerical simulations [124], but 
it also introduces a strong non-linearity in the shape of the lift curve in the attached flow 
region, as well as a large variability of the latter with Re. Such phenomenon can be clearly 
seen in Figure 3.23, upon comparison of the aerodynamic data of the two VAWT test 
rotors (R515 and R500) with the high-Re database obtained for the hydrokinetic turbine 
(HKT). As anticipated in Sections 3.4.2 and 3.5.2, this non-linearity poses a serious 
problem when dealing with sub-models such as dynamic stall, which are based on the 
assumption of linear behavior of the lift curve.   
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Figure 3.19: Conventions for the definition of the different regions of the polar curve.   

3.6.1 Pre-stall data 

As anticipated in Section 3.6, it is inherently challenging to obtain reliable 
aerodynamic data in the pre-stall region when the airfoil is operating in the low-Re regime 
(Re ~ 500k). It must be noted that, since no agreement has been found yet on the matter 
by the scientific community, the definition of this range is purely conventional and limited 
to this thesis work. In these flow conditions in fact, the aerodynamics of the airfoil is 
dominated by the laminar boundary layer and its transition behavior, in particular its 
propension to form the so-called laminar separation bubbles, i.e., separated flow regions 
on the airfoil surface characterized by a Separation-Transition-Reattachment (STR) 
topology [125]. As demonstrated by Hansen et al. for the NACA0021 airfoil [126], these 
structures tend to reduce in size and move forward the leading edge as the angle of attack 
is increased, thus enhancing the effective camber of the airfoil around the static stall limit 
(see Figure 3.20).  

 

 
Figure 3.20: Evolution with AoA of the extension of a laminar separation bubble forming on the 
suction side of a NACA0018, for Re=160k. Data adapted from [127,128]. 
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The non-linearity of the lift curve provoked by this phenomenon can be seen in Figure 
3.21. Separation bubbles and so their effect on the lift curve are inherently challenging to 
reproduce as their position, extension and intensity are extremely sensitive on the testing 
conditions [129]. Small variations in the turbulence intensity at the airfoil leading edge 
[130] or in its surface roughness [131] can lead to completely different load behavior. On 
top of that, these quantities are hard to quantify at an experimental level. 

From a numerical point of view instead, the major role is played by the adopted 
turbulence model. In the frame of RANS simulations, it is necessary to shift to a transition 
model such as the 4-equations '-Re! transition [132]. Based on the experience of the 
research group though, its tuning is rather cumbersome and it tends to be unstable if the 
percentage of laminar flow on the airfoil surface is too high. Other simulation methods 
like the viscous panel code XFoil [133] use the semi-empirical en transition formulation, 
which is based on one equation regulating the amplification of Tollmien-Schichtling waves 
in the boundary layer. The tuning of this approach is notably easier, as it is based on one 
parameter Ncrit, which combines the effects of turbulence intensity and surface roughness, 
but the accuracy of the obtained results needs to be verified on a case-to case basis and 
degrades for low Re and complex airfoil shapes.   

 

 
Figure 3.21: Comparison between the different lift datasets available for the NACA0018 airfoil 
for: (a) Re=60k (b) Re=150k. 
 

A practical example of this matter can be seen in Figure 3.21, where an extensive 
database from both numerical and experimental sources has been gathered by the author 
for the NACA0018 profile [134]. For Re=60k, there is relevant deviation between the 
different sources both in terms of shape and static stall point. Especially for thicker airfoils 
in fact, there can be multiple separation bubbles at different locations on the profile [128]. 
This regime is so unstable that CFD simulations are currently almost unfeasible. XFoil, 
if properly tuned, manages instead to reproduce the experimental trends, but with an 
overestimation of the lift near the static stall point. The same behavior is observed for 
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Re=150k, although the observed scattering is notably lower. In this case, all experimental 
curves collapse together, while blade-resolved CFD with '-Re! model and XFoil place 
themselves lower and higher than measured data near stall, respectively. These 
observations were confirmed by the author in a twin study on the NACA0021 [135].  

Based on the previous considerations, in the present work the XFoil tool was employed 
to evaluate the pre-stall aerodynamic coefficients for the two test VAWTs, given their 
Reynolds range of operation and the shape of their airfoils. The use of CFD in fact would 
have required a huge effort in terms of tuning a stability control, with no immediate 
advantages in accuracy. Simulations were performed for an AoA range of ±25° and 
Ncrit=9, as the value yielding the highest accuracy for different Re conditions. For the 
small hydrokinetic turbine (HKT) instead, the pre-stall aerodynamic coefficients were 
obtained via blade-resolved CFD, as the Re range (Re Î [750x103 2000x103]) is way higher 
and the considered airfoil (DU-06-W-200) has a complex shape. All simulations were 
performed with the two-dimensional RANS approach described in Section 4.1. The '-Re! 
transition model in its original formulation was employed for the closure of the turbulence 
problem, since at the given Reynolds numbers the effect of laminar separation bubbles on 
the performance of thick airfoils as the one considered is still relevant [136]. Due to the 
preliminary nature of the study, specific transition correlations for airfoils or alternative 
models such as the 3-equations k-kl-" [137], which has the advantage of having no 
empirical components, were temporarily not included.   

3.6.2 Extension of the polar database to AoA=±180°, 

The pre-stall database obtained with the selected simulation methods was then 
extended over the deep stall region, i.e., up to AoA=±180°, via the Viterna-Corrigan model 
[138]. This strategy allows in fact to include that in dynamic conditions, like the ones 
experienced by VAWT blades, the continuous variation of angle of attack does not give 
flow separation enough time to complete, preventing the corresponding performance drop 
to occur. Thus, as recommended by Bianchini et al. [121], the post-stall data needs to be 
modelled as a smooth transition from the static stall point (&ss, CL,ss) to the deep stall 
region.  

The Viterna-Corrigan model, originally developed for the simulation of horizontal-axis 
turbines, has become a standard for data extrapolation at high angles of attack. The 
corresponding equations for the computation of post-stall lift (Eq. 3.31) and drag (Eq. 
3.32) were tailored to the empirical observation that, in fixed-pitch machines, the output 
torque remains constant with the wind speed after the rated power has been reached:  @1DH5 = r$ sin 2$ + r0 cos0 $sin $  (3.31) 

 @#DH5 = �$ sin0 $ + �02J`$ (3.32) 
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where the coefficients A1, A2, B1, B2 depends on the pre-stall characteristics of the 
airfoil, in particular the static stall point (&ss, CL,ss) and the maximum drag coefficient 
CD,max: 

 r$ = �$2   (3.33) 

 r0 = l@1D55 8 @#DE%8 sin $55 cos $55m sin $55cos0 $55 (3.34) 

 �$ = @#DE%8 (3.35) 

 �0 = @#D55 8 @#DE%8 sin0 $55cos $55  (3.36) 

When using this methodology, it is critical to select the proper position of the static 
stall point, since the shape of the whole post-stall curve depend on its value. On top of 
that, the corresponding glide ratio CL/CD needs to satisfy flat plate theory for the method 
to be consistent [139]. In the present work, the latter was selected as the maximum lift 
point, making small adjustments to ensure the continuity of the resulting curve. 

3.6.3 Flow curvature 

In several studies [122,140,141], it has been observed how the cycloidal motion of 
VAWT blades with respect to the turbine axis of rotation is responsible for the 
deformation of streamlines around them, increasing their effective degree of curvature 
with respect to the freestream flow. This reflects on the aerodynamic performance of the 
blade, which behaves aerodynamically (i.e., in terms of lift, drag and moment coefficients) 
like a virtually transformed equivalent airfoil, with a camber line defined by its arc of 
rotation and oriented outwards with respect to the turbine axis (see Figure 3.22). 

 

 

Figure 3.22: Schematic representation of the flow curvature effect 
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As shown in Figure 3.23, this effect was accounted for in the simulation campaign by 
deriving the tabulated data for the virtually cambered airfoil corresponding to each 
turbine configuration, obtained by proper conformal mapping from the geometric one. 
This transformation is regulated by the rotor chord-to-radius ratio c/R, blade-spoke 
connection point (BSC) and TSR [142]. The latter was selected for each test case as the 
highest available in the simulation campaign. This procedure, already present in previous 
ALM tools the author has worked on [62,143], is supposed to be more accurate than the 
ones used in the literature, which are based on a simple algebraic correction of the sampled 
AoA [71,72].  

 

 
Figure 3.23: Polar data used for the present work. For readability, only the extreme curves of 
the considered Re range are reported. 
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3.7 Numerical set-up 
In the current thesis work, the ALM tool was employed in two different variants: a 

finite wing and a rotor model. The former was developed to analyze the behavior of the 
ALM tool in steady conditions on a fixed isolated blade, with the aim of investigating the 
tip vortexes dynamics and the corresponding load distribution along the blade. The latter 
was instead used for three-dimensional simulations of the test Darrieus rotors selected for 
the present study, so that the capability of the ALM tool when dealing with a real machine 
could be assessed and possibly extended.  

3.7.1 Finite wing simulations 

Finite wing simulations were set-up according to the consolidated numerical approach 
developed by the research group over the years for airfoil aerodynamic analysis [144]. The 
latter is described in Section 4.1. More in detail, steady Reynolds-Averaged Navier-Stokes 
(RANS) CFD simulations were carried out with the ANSYS® Fluent® (v. 20.2) solver, 
making use of the k-" SST turbulence model [145], the coupled algorithm for pressure-
velocity coupling, and the 2nd order upwind scheme for both RANS and turbulence 
equations.  

 

 

Figure 3.24: Overview of the finite wing mesh: (a) computational domain (b) ALM region 
(blue) side view c) ALM region + wake refinement bottom view  
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The computational domain has an open field configuration, with an overall extent of 
L = 60c and a width of W = 40c and a height of HD= 3H to avoid blockage effects and 
allow the proper development of the wake (see Figure 3.24). In order to reduce the overall 
number of elements, the spanwise symmetry of the problem was exploited, simulating 
only half of the domain. At its boundaries, the standard far field boundary conditions for 
external flows are applied: uniform velocity at the inlet boundary, ambient pressure at 
the outlet one, symmetry on the other surfaces.  

An unstructured, quadrilateral mesh was built on the bottom plane, according to the 
experience of the authors on similar test cases [144], with local refinements in proximity 
of the ALM region and its wake. A uniform structured grid was used instead for the blade 
region (see Figure 3.24), as required by the ALM approach for a smooth force insertion, 
with a minimum resolution of hALM = 0.4! according to the guidelines developed by the 
author and reported in Section 3.8.1.1. The elements in the wake and external domain 
were scaled accordingly. The final mesh was then obtained by extruding the bottom layer 
in the spanwise direction, distributing the layers along the blade height with an 
exponential bias to optimize the grid density at the tip [51].  

In order to understand the influence of the ALM grid on the predicted loads and tip 
vortex structures, a dedicated sensitivity analysis was performed, whose results are 
reported in Section 3.8.1.2. Eight different meshes distinguished in terms of kernel width ! and spanwise resolution (both in terms of number of elements and bias factor), were 
tested, as reported in Table 3.3. 

3.7.2 Rotor simulations 

All three-dimensional Darrieus simulations were carried out with an unsteady 
Reynolds-Averaged Navier-Stokes (U-RANS) approach via the commercial solver 
ANSYS® FLUENT®, in the 20.2 release. Once again, the k-w Shear Stress Transport (SST) 
model was selected for turbulence closure: compared to the other models available, it 
provides better accuracy and stability in unsteady flow conditions such as the ones 
experienced by VAWT blades, with massively separated flows and strong pressure 
gradients [146]. The coupled algorithm was used for pressure-velocity coupling, together 
with a 2nd order upwind scheme for both URANS and turbulence equations and a bounded 
second-order time-marching scheme. For detailed information about convergence 
definition, maximum inner iterations and residuals, please refer to [146]. 

An open field domain was chosen for the analysis. In order to reduce the number of 
elements, together with the overall computational cost, only the upper half of the rotor 
was modelled, exploiting the spanwise symmetry of the VAWT flow [51]. The 
corresponding dimensions, parameterized with respect to turbine diameter D and blade 
semispan height H (see Figure 3.25), were selected according to the sensitivity analysis 
from [62]. This allowed to minimize the disturbance induced by the turbine on the 
freestream flow, justifying the application of the standard far field boundary conditions 
commonly adopted for external flows. More in detail, a uniform velocity, turbulent kinetic 
energy k and frequency " were applied at the inlet based on the testing conditions of the 
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considered test case. The turbulent quantities, in particular, were estimated according to 
the test inlet turbulent intensity and length scale. At the outlet, a uniform atmospheric 
pressure was imposed, while for the other patches the symmetry condition was adopted. 

 

 

Figure 3.25: Rotor computational domain. 

The computational domain is discretized with a hybrid meshing strategy (see Figure 
3.26). As shown in Figure 3.25, the CFD domain is divided in three separated fluid zones, 
according to the main features commonly found in a VAWT turbine operating in open 
field environment:  

 
§ Rotor ALM region: The cylinder encompassing the turbine rotor, where the actuator 

line forces are applied. In contrast with the rest of the domain, this region was 
discretized with a structured mesh, according to the requirements of the ALM code 
(see Figure 3.26). The number of elements in the azimuthal direction are directly 
proportional to the timestep used for the CFD simulations, so that no discontinuity 
occurs when advancing the actuator line in the domain. The cell dimensions in the 
radial and spanwise direction, on the other hand, were chosen so that a cell Aspect 
Ratio as close as possible to 1 is achieved, at least on the turbine trajectory. This 
avoids the distortion of applied volume force distribution;  
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§ Wake region: An unstructured quad-dominant mesh was used for the drop-shaped 
refinement region near the rotor, which is necessary to properly capture the turbine 
blockage and wake development. As shown, this region is divided in two separate 
zones: a near- and far-wake one. The former, characterized by a cell dimension hNW, 
comprehends the zone where the highest wake mixing is encountered. The latter, with 
hFW =2hNW, serves to both resolve the far wake development and ensure a smooth 
transition from the rotor from the external domain;  

§ External region: The prismatic zone representing the external flow domain, discretized 
with tetrahedral elements.   

 
In order to optimize the number of mesh elements required by the turbine CFD model, 

a dedicated grid sensitivity analysis was performed. The latter is reported in Section 
3.8.1.3.  

 

Figure 3.26: Overview of the ALM rotor mesh selected for the analysis: (a) isometric view of 
the rotor zone (blue) (b) wake refinement on the midspan plane.  

3.8 Calibration 
As every numerical approach, the Actuator Line needed to be properly calibrated 

before it could be used for the simulation of the selected test turbines. This process was 
mainly focused on the set-up of the ALM itself (Section 3.8.1), e.g., grid resolution and 
force kernel size, but it also included the adjustment of the parameters of the novel 
LineAverage sampling method (Section 3.8.2) and the Berg dynamic stall formulation 
(Section 3.8.3). Available blade-resolved and experimental data were used as a support.  

3.8.1 Kernel and grid resolution 

The calibration of the ALM tool was performed in terms of grid resolution and kernel 
width !, using blade-resolved and experimental data as a support. A bottom-up approach 
was followed, starting from 2-D simulations of a static airfoil in Section 3.8.1.1, extending 
the analysis to the 3-D domain (Section 3.8.1.2) and eventually moving to 3-D rotor 
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simulations (Section 3.8.1.3). For the first two, the analysis focused on the flow field 
induced by the insertion of ALM forces, which were determined a priori from static data. 
For turbine simulations instead, as the loads on the blades result from the wind-rotor 
mutual interaction, they were the main object of the investigation.  

In the author’s view, it is important, before proceeding, to remark that a sensitivity 
analysis on an ALM grid requires inevitably the simultaneous variation of the mesh size 
h, the kernel width ! and, in case of the rotor, the angular timestep ]#. Once in fact the 
minimum requirements in terms of numerical stability are fulfilled, it is the kernel that 
regulates the concentration of the vorticity shed in the wake and so the overall grid 
resolution required by the simulation. The angular timestep on the other hand needs to 
be adjusted to the mesh angular resolution, in order to avoid the overlapping of spread 
forces (see Section 3.7.2).  

3.8.1.1  2-D blade 
As outlined in Section 3.2, when using a 2-D isotropic Gaussian kernel, it is 

fundamental to proper calibrate the distribution width ! on the specific problem aerodynamics. In this thesis work in particular, this value was related to the airfoil chord 
c, as it is the dimension that best represents the magnitude of the forces exchanged with 
the wind. 

In this perspective, a series of tests was carried out, following the methodology 
proposed in [147]. First, the test profile (a symmetric NACA0018 airfoil) was analyzed in 
static conditions, at given AoA=10° and Re=550k, with the 2-D blade-resolved CFD 
approach presented in Section 4.1. The resulting aerodynamic coefficients CL and CD were 
then used as input for the corresponding ALM simulation. The two computed flow fields 
were compared.  

 

 

Figure 3.27: Comparison between the different meshes in terms of wake velocity (a) and 
pressure (b) contours. 

Before the kernel width ! calibration could be performed, an ad hoc grid sensitivity 
analysis was carried out, aimed at evaluating the proper resolution of the mesh in the 
region of application of the actuator line. In order to keep the analysis as much general 
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as possible, the different grids under testing were identified by relating the characteristic 
cell dimension in the ALM region h with the kernel width !. As shown in Section 3.2 in 
fact, the flow field induced by the applied actuator force on the freestream can be modelled 
as a bi-dimensional vortex, with a certain viscous radius rC equal to the imposed kernel 
width, rC=!. Since the viscous core dimension regulates the magnitude of the velocity 
gradients across the vortex, the !/h ratio could be successfully exploited to relate the 
actuator force characteristics with the required mesh resolution in the ALM region. Four 
different meshes were tested at !=0.1c, and the corresponding flow fields were compared, 
using the one coming from CFD as a reference. Upon examination of Figure 3.27, it is 
apparent how full convergence of the results, in terms of both wake velocity profile and 
circumferential pressure distribution around the ALM region, in this case at a distance of 
2c from the aerodynamic center of the profile, is reached for !/h ³ 3. This condition is 
confirmed by the findings of Shives et al. [75] and Jha et al. [76], as the one ensuring the 
proper resolution of the flow field induced by the ALM-related vortex. 

 

 

Figure 3.28: Comparison of the wake velocity and pressure between CFD and ALM. 

Once the proper ALM grid resolution had been assessed, the kernel width calibration 
could be carried out. As an example of such procedure, Figure 3.29 reports the contours 
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of velocity resulting from the two approaches for AoA=10°. In the ALM contour, the zone 
of force extraction and the trace of the airfoil are also reported to help the reader analyzing 
the results. Upon examination of the contours, notable agreement is apparent. To get 
further insight on the reliability of the results, detailed comparisons were made in terms 
of wake velocity profile and circumferential pressure distribution around the airfoil, for 
different values of ! and different distances from the airfoil, i.e., 2c and 5c, respectively.  

Figure 3.28 shows the results in terms of velocity profile in the wake in the direction 
orthogonal to the chord and of pressure around the airfoil, respectively. Upon examination 
of the profiles, it can be noticed that, already for ! = 0.05c, the ALM is able to match 
with a fair degree of fidelity both the pressure and velocity fields associated to the fully 
resolved simulation, especially in the far field (5c distance from the airfoil aerodynamic 
center). Nonetheless, a certain offset between the two contours in the y-direction, together 
with some spurious oscillations at the wake borders, is observed; going towards higher ! 
values, the weight of both phenomena is reduced, but the ALM tends to underestimate 
the maximum velocity deficit in the wake. Based on the above, a value !=0.1c was here 
considered as the optimal trade-off between accuracy and numerical stability. 

 

 

Figure 3.29: Comparison between CFD (a) and ALM (b) absolute velocity contours. 

3.8.1.2  3-D blade 
In order to gain a deeper understanding of the relationship between kernel width !, 

mesh resolution and the tip vortex structure predicted by the baseline ALM approach, 
i.e., without corrections, the 2-D kernel calibration illustrated in Section 3.8.1.1 was then 
extended to the 3-D case, keeping as test rig the NACA0018 blade, with a chord c=0.382 
m and an Aspect Ratio of AR=c/H=10. The latter was simulated in steady conditions 
for Re=550x103 and AoA u [0° 10°], siding to the ALM a dedicated blade-resolved 
approach, to be used as benchmark (see Section 4.1.2). More in detail, eight meshes, 
distinguished in terms of kernel width ! and spanwise resolution (both in terms of number 
of elements and bias factor), were tested. Set-up for each grid is reported in Table 3.3.  

In order to quantify the effect of the various modelling strategies on the predicted tip 
vortex structure, different vortex tracking metrics were selected from the literature.  
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Figure 3.30: Schematic representation of the tip vortex structure. 

More in detail, the following quantities of interest, illustrated in Figure 3.30, were 
defined: 
§ vortex centre C: the vortex centre defines the axis of rotation of the vortical structure 

and it is used to track the position of the vortex filament over time. In the present 
work, this quantity is extracted from the resolved flow field as the minimum of the �2 
scalar field [148]. This strategy allows in fact to filter out the contribution of viscous 
stresses and irrotational straining. 

§ vortex core radius rC: the vortex core radius defines the extension of the rotational 
region, highlighted in Figure 3.30, in which the fluid particles are characterized by a 
rigid body motion. This corresponds to an elevated concentration of vorticity. In the 
present work, this value is exploited to quantify the vortex aging, i.e., viscous decay, 
in the wake and is computed as the distance between the vortex center C and the 
point of maximum induced velocity Vind sampled on a plane normal to the vortex line 
[149], as in Figure 3.30.  

§ vortex circulation (V: circulation is a measure of the vortex intensity and is used 
together with rC to measure its aging in the wake. In this work, it was computed as 
the integral of the in-plane vorticity "x over a plane normal to the vortex line. In order 
to avoid the inclusion of spurious contributions, the integration domain was limited 
to a radius of 2c from the vortex center. 

 
Figure 3.31 reports the comparison in terms of spanwise lift coefficient and downwash 

velocity Vy, sampled at 1c distance from the airfoil aerodynamic centre, between ALM 
and blade-resolved CFD. At first glance, it can be observed how the coarsest meshes 
(BX1) are not adequate to resolve the blade 3-D field. This trend is confirmed by Figure 
3.32, for the core radius rC and circulation (. Increasing the resolution towards the blade 
tip, the ALM downwash profile converges towards the CFD one, both in terms of constant 
value along the blade w0 and peak value, with a small influence of !/c. The best agreement 
is obtained with the biased grids (BXXb), even though the downwash gradient in the last 
10% of the blade is still largely underestimated.  
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Figure 3.31: Comparison between baseline ALM and CFD in terms of blade loading and 
downwash. 

The effect of the spanwise discretization on the tip vortex structure in the wake is on 
the other hand quite limited, as shown in Figure 3.32. Beyond a certain threshold in fact, 
given by the BX1 grids, all meshes approximately converge towards the same value of 
vortex intensity (, matching the one predicted by blade-resolved simulations. The vortex 
core radius rC and its decay are instead directly related to the kernel width !/c. Smaller 
kernel dimensions in particular correspond to a tighter core and a slower decay rate as 
the vortex develops downstream (aging). As shown in Figure 3.32, a proper tuning of this 
value to !/c=0.1 enables the ALM to provide a satisfying estimation of the CFD vortex 
characteristics, especially in the near wake (x/c <=1). The vortex aging speed in the far 
wake is nonetheless largely overestimated with respect to CFD (see Figure 3.33), with a 
rC value 50% higher at x/c=5. Such discrepancy, although partially connected by the 
inevitable difference in grid resolution between ALM and blade-resolved simulations, is in 
the authors’ view probably related to the absence of the physical blade tip in the ALM 
approach and its effect on vortex dynamics, especially turbulence.  

Although the ALM, despite the limitations described so far, can provide a fairly good 
approximation of the three-dimensional flow field developing around the wing, the 
behaviour of the predicted blade loads is completely unphysical. From Figure 3.31 it can 
be observed how, independently from the adopted numerical set-up, the ALM section lift 
tends in fact to increase towards the tip, instead of going to zero as in blade-resolved 
simulations and experiments. The reason for such phenomenon, already observed in 
previous studies [81,117], will be investigated in a future work.  

Based on the previous considerations, the B11b set-up (!/c=0.1, N=30, bias factor 
f=1.08) was selected as the most accurate and efficient one for finite wing simulations. 
This finding is coherent with the results of the previous 2-D calibration, confirming the 
kernel value of !/c=0.1 as the one providing the most accurate blade force distribution 
achievable with an isotropic Gaussian kernel.  
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Figure 3.32: Comparison between baseline ALM and CFD in terms of tip vortex structure: (a) !/c=0.2 (b) !/c=0.1.  

 

Figure 3.33: Comparison between baseline CFD (left) and ALM (right) and in terms of 
streamwise vorticity "x. 
Table 3.3: ALM meshes used for the 3-D calibration process. 

Dimension B01 B02 B03 B01b B03b B11 B12 B13 B11b B13b !/c [-] 0.2 0.2 0.2 0.2 0.2 0.1 0.1 0.1 0.1 0.1 

# spanwise 
elements 30 60 80 30 80 30 60 80 30 80 

spanwise 
bias factor 1 1 1 1.08 1.08 1 1 1 1.08 1.08 

# cells [k] 2085 3397 3898 1949 4456 4763 7749 8891 4347 9937 

3.8.1.3  3-D rotor  
The results of the studies carried out so far for 2-D (Section 3.8.1.1) and 3-D blade 

(3.8.1.2) ALM simulations were combined together to assess the correct numerical set-up 
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for the rotor case. Due to specific flow features characterizing airfoils when rotating in a 
VAWT-like motion nonetheless, especially in high-solidity rotors, a dedicated grid 
sensitivity analysis was performed. To this end, the 2-blade R500 turbine (see Section 
2.2) at TSR=4.5 was selected as reference case, since it presents the highest blade loading 
among the available configurations and as a consequence it is the most demanding in 
terms of downstream wake resolution. Following the same strategy outlined in [51], such 
procedure was carried out in two steps, using as convergence index the coefficient of 
determination R2 (Eq. 3.37) of each mesh with respect to the most refined one, indicated 
with the subscript “ref” [150]: 
 .0 = 1 8 � �NO (O) 8 NO D'-((O)�0 PQ!R=!S� lNO (O) 8 NO D%TNm0 PQ!R=!S  (3.37) 

A first step (“Step I”) focused on the grid resolution required by the ALM on the two-
dimensional plane corresponding to the turbine midspan. As reported in Table 3.4, five 
different meshes were generated, differing one from the other in terms of azimuthal 
resolution in the ALM rotor region. Considering the strategy adopted for the ALM rotor 
region discretization outlined in the Section 3.7.2, this corresponds to a progressive 
reduction of the kernel width ! and the angular timestep ]#. Upon comparison of the 
different meshes blade tangential force profiles shown in Figure 3.34, it can be seen how 
convergence is already achieved with the M03 mesh. Further relaxing the grid 
requirements in the wake, as for mesh M03-1, does not modify the predicted loading. 
Therefore, the latter will be used as starting point for the next step of the grid sensitivity 
analysis.  

 

Figure 3.34: Comparison between the different meshes in terms of tangential force (Step I). 

An attentive reader will notice that this set-up has a kernel size of !=0.2c that is 
double the optimal value of 0.1 found in the previous sections. This choice was dictated 
by the need to reduce the computational effort of 3-D rotor simulations, by sacrificing 
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some accuracy in the resolution of the blade near wake, according to the results found in 
Section 3.8.1.1. The accuracy in the prediction of rotor loads, which is the priority of this 
work, is on the other hand not affected, as demonstrated here and understandable from 
the fact that the pressure field around the actuator point is basically independent from !, 
as shown in Figure 3.27.		

	

 

Figure 3.35: Comparison between the different meshes in terms of tangential blade force: (a) 
azimuthal profile (b) average spanwise profile.  

The second step (“Step II”) of the analysis was used to assess the spanwise blade 
resolution required by the ALM simulation in the three-dimensional domain (see Table 
3.4). As already seen for isolated blade simulations in Section 3.8.1.2, the mesh with N=30 
and a bias factor of fbias=1.08 (M05b) is the most efficient, as it provides the highest 
refinement along the span with a notably lower number of cells than the heavier M06 and 
M07. The biased set-up is still to be preferred to the unbiased one (M05), as it does not 
present the same lack resolution observed in the last 10% of the blade (see Figure 3.35) 
and provides a better resolution of the shed tip vortex structure. 

Based on the previous considerations, in the rest of this work the M03-1 mesh was 
used for 2-D ALM rotor simulations, while the M05b for 3-D ones, respectively.   

Table 3.4: Rotor mesh sensitivity (step I+II). 

Value M01 M02 M03 M03-1 M04 M05 M05b M06 M07 
#cells 
azimuth 90 180 360 360 720 360 360 360 360 

β/c	[-]	 0.9 0.45 0.2 0.2 0.1 0.2 0.2 0.2 0.2 

hNW/hALM [-] 1 1 1 2 1 2 2 2 2 

hFW/hALM [-] 2 2 2 4 2 4 4 4 4 "# [deg] 4 2 1 1 0.5 1 1 1 1 

# cells span - - - - - 30 30 60 80 

span bias - - - - - 1 1.08 1 1 

# cells [k] 17 38 106 55 351 4213 5500 8577 10269 
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3.8.2 LineAverage sampling method 

Given the robustness and accuracy demonstrated during the corresponding validation 
against blade-resolved and PIV data (see Section 3.3.2), the LineAverage methodology 
was implemented in the ALM code and used for the investigations presented in this work.  

This process required some additional steps. First, the sampling strategy formulation 
needed to be adapted to work with an arbitrary grid architecture. Although in the chosen 
ALM set-up a structured mesh was always adopted in the rotor region, as required by the 
force smearing function (see Section 3.7.2), in the author’s view, this step would be 
beneficial for the overall robustness of the approach. In the direct application of the 
LineAverage in fact, velocity values would be extracted from the centroids of the cells 
closest to the sampling point, provoking some distortions during the averaging in case 
there is no exact correspondence between the prescribed sampling points and the grid 
cells. To avoid this issue, centroid values were linearly interpolated to the sampling point 
position based on the local cell velocity gradient information, so that the result of the 
sampling procedure would become largely mesh independent. 

 

 

Figure 3.36: Sensitivity of the LineAverage method to ALM set-up: (a) sampling radius (b) 
kernel width (c) number of sampling points (d) angular timestep.  

Once the LineAverage had been adapted to work with the ALM, a dedicated sensitivity 
analysis of the sampled angle of attack with respect to the main simulation parameters 
was performed, as reported in Figure 3.36. The same turbine used for the validation of 
the sampling method (R500) was selected, at stable operation (TSR=4.5). These 
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conditions are in fact the most demanding for AoA sampling methods, due to the 
simultaneous occurrence of high blade loading, rotor blockage and upwind-downwind 
interaction. Unexpectedly, unstable conditions (TSR=2) are easier to deal with, especially 
in the case of ALM simulations, since oscillations associated to vortex shedding are absent. 

A general robustness to all tested parameters is observed. As already shown during 
the validation process (see Section 3.3.2), a minimum number of sampling points N is 
required to prevent spurious oscillations in the solution, here confirmed to be N=80. The 
other variable having an effective influence on the AoA profile is the radius of the sampling 
circle r, especially for values close to the AoA sign inversion point (#W180°). In this case, 
convergence is reached with a minimum radius of r=1c.   

Based on the previous consideration, the present LineAverage modified 
implementation, with the same set-up used for the validation (N=80, r=1c), was 
considered to be suitable for the following analyses. 	

3.8.3 Berg model 

Although one of the simplest and most robust dynamic stall models available, the Berg 
approach still requires a careful calibration before being successfully employed. Among 
the different issues that may arise, three are particularly critical, as anticipated in Section 
3.4.3: a) the choice of the constant AM; b) the evaluation of the slope m of the lift curve 
in the attached flow region; c) the calibration of the constants 'i.  

For point (a), a first guideline comes from the original work of Berg [106], where AM=6 
is recommended based on experimental measurements of the VAWT Sandia 17m rotor. 
In a recent study from Bianchini et al. [37] instead, a value of AM=20 is also proposed, as 
it proved to be particularly predictive for small VAWT rotors, where dynamic effects are 
more pronounced due to the higher design rotational speed. In the present work, both 
values were tested, so that a better understanding of the effects of this constant over the 
model performance could be achieved.  

 

 

Figure 3.37: Schematic comparison between the strategies proposed for the evaluation of the 
lift curve slope m.  
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The definition of the lift slope m on the other hand is pretty straightforward when 
dealing with airfoils operating in the high Re regime (Re � 1000k), where the lift behavior 
is approximately linear for a major portion of the pre-stall region, but becomes 
problematic for lower Re applications, such as the two small VAWTs selected for the 
ALM validation process (see Chapter 2). Considering for instance the lift profile for 
Re=100k of the NACA0018 virtual airfoil mounted on the R500 rotor (see Figure 3.37), 
it can be observed how the behavior of the curve in the pre-stall region is strongly non-
linear. Such phenomenon, which, as thoroughly described in Section 3.6.1, is related to 
the formation of laminar separation bubbles on the airfoil leading edge, makes the 
identification of the linear region extremely challenging, especially if the process needs to 
be implemented as an automatic routine into a simulation code such as the ALM. For the 
present work, two different strategies have been tested, visually described in Figure 3.37: 
§ Maximum lift (“maxLift”): the slope of the lift curve is computed by tracing a line 

between the zero-lift angle &0	and the static stall one &ss. The latter is selected in first 
approximation as the point of maximum lift in the pre-stall region, following the 
guidelines from literature [151]. From a physical point of view, this strategy is 
equivalent to the assumption that, in dynamic conditions, the effect of separation 
bubbles on the blade loads is suppressed. This hypothesis is still to be verified; 

§ Linear regression (“linReg”): the slope of the lift curve is taken from the line that 
best fits in a least-squares sense the lift curve in the pre-stall region. 

 
The third parameters to be calibrated are the sensitivity of the lift ('L) and drag ('D) coefficients to unsteady effects. This aspect is commonly overlooked in the implementation 

of this model, as it already features a semi-empirical correlation for the computation of 'L and 'D from the airfoil maximum thickness t/c, of the form: 
 �1 = 1.4 + 6 ? (0.06 8 6 2⁄ )  (3.38) 

which is then corrected to account for the freestream Mach number to obtain the 
coefficients '1 and '2 used in Eq. 3.21. The problem is that such correlation was obtained by Gormont based on wind tunnel tests on profiles, whose maximum thickness did not 
exceed 0.12 [102]. Therefore, when applying it to thicker airfoils such as the DU-06-W-
200 mounted on the HKT rotor, the predicted blade unsteady response becomes very far 
from the real one. Therefore, for this test case an additional sensitivity analysis was carried 
out on 'L, as illustrated in the following paragraphs. The coefficient 'D was derived as 'D=0.5 'L, as recommended by [102].  

The main test case for the analyses required by Berg model was the R500 rotor, given 
the amount of experimental and blade-resolved data (see Section 4.2.2) available for the 
rotor unstable operation. Given the small rotor size, it was also possible to test the linReg 
and maxLift routines devised for the analysis of low-Re polar curves. Figure 3.38 shows 
the comparison in terms of blade’s normalized normal and tangential loads between the 
different Berg model set-ups and the available benchmark data, for TSR=2. Upon a first 
evaluation based on an aggregated index such as the Root Mean Square Error (RMSE) 
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of the blade FT (see Eq. 3.39), the case without dynamic stall model (“ALM - no ds”) 
seems to be one providing the best quantitative estimation of the reference CFD curve. 
 .R-� = � 1x5%EU*-5 { �NO (O) 8 NO DGV#(O)�0PQ!SR=!S  (3.39) 

In the case of a highly oscillating load profile as the one under analysis nonetheless, 
this kind of analysis can be deceiving, as clearly demonstrated by the reported FN and FT 
trends. As a matter of fact, although quantitatively closer to the reference curve, this 
configuration does not present any of the typical features of the dynamic stall 
phenomenon. As evident from the corresponding lift loop in Figure 3.39 for instance, no 
stall delay is observed whilst the overall hysteresis is limited to the one associated to Re 

variation over one rotor revolution.  
 

 

Figure 3.38: Comparison between the different Berg model set-ups and benchmark data in 
terms of blade loads for the R500 rotor at TSR=2. 

The maximum lift approach on the other hand is the one best describing the effect of 
dynamic stall on the predicted blade normal and tangential loads. For FN, the agreement 
with the CFD load profile is fairly good on average, i.e., neglecting the oscillations related 
to the dynamic stall vortex shedding and propagation over the flow domain. These flow 
features in fact cannot be reproduced by ALM due to the intrinsic limit of the method. 
Both the curve shape and upwind peak value are matched. Shifting the focus on FT, it 
can be observed that, although the overall average behavior of the curve is captured by 
the ALM, notable discrepancies with respect to reference data are still present. While in 
the downwind (180°<#<360°) rotor region, where the blade local inflow is disrupted by 
its interaction with dynamic stall vortices, the agreement is still acceptable, in the upwind 
one (0°<#<180°), the Berg model manages to follow the CFD curve up to the local peak, 
then strongly overestimating the blade loading for 65°<#<125°. The reason of this trend 
is to be found in the predicted CL and CD behavior and will be discussed in detail in 
Section 3.9.3. In the case lift curve slope m is selected according to the linear regression, 
this deviation starts even earlier, around #=45°. Although its effect on performance is 
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much lower than m, lowering the model tuning parameter to AM=6 is able to slightly 
improve the prediction of the force peak value.  

 

 

Figure 3.39: Comparison between the different Berg model set-ups and benchmark data in 
terms of lift and drag coefficients for the R500 rotor at TSR=2 

In order to gain a better understanding of the model behavior described so far, the lift 
and drag hysteresis loops obtained with the different ALM set-ups were compared the 
ones coming from CFD in Figure 3.39. The latter were extracted from the numerical flow 
field with the same LineAverage technique used for ALM simulations (see Section 3.3). It 
must be noted that, for the sake of readability, the CFD data in the post-stall region were 
represented as a point cloud. Upon examination of the lift data, a good capability of the 
maximum lift approach to capture the loop width for both negative and positive AoAs 
can be observed, although the peak value is slightly underestimated. The linear regression 
one on the other hand, presents a large deviation from the CFD curve in the ascending 
branch of the negative AoAs region, since it is by definition more sensitive to the polar 
curve non-linearity for AoAs close to the stall one (see Figure 3.37). The discrepancy 
between the two methods is notably reduced when drag data are considered. In this case 
nonetheless, the deviation with respect to CFD is much higher: the hysteresis loop width 
is overestimated over the whole AoA range, while the peak value at AoA=30° is 
underestimated of approximately 100%. Such phenomenon is particularly pronounced in 



Chapter 3 

73 

the ascending branches of the loop, where the AoA is increasing towards its maximum 
value. It can be seen in fact that the CD predicted by ALM is extremely underrated in 
that region, reaching values even lower than those predicted by the simulation without 
dynamic stall model. In this specific case, the overall accuracy can be slightly improved 
by lowering the AM parameter, so that the drag hysteresis amplitude is reduced. 

Based on the previous considerations, a value of AM=6 was selected for VAWT 
simulations (R515 and R500). The slope m was computed with the maximum lift 
approach.   

 

 

Figure 3.40: Blade lift and drag hysteresis loops.  

The opposite strategy (linear regression) was adopted for the hydrokinetic rotor 
(HKT), since raising the blade Reynolds number removes a major part of the deformation 
induced by separation bubbles.  In this case the calibration procedure focused on 'L value, 
since, as anticipated in the previous paragraph, the DU-06-W-200 airfoil is notably 
different from those tested by Gormont.  

Figure 3.40 shows the comparison in terms of blade normal force (FN) and torque 
between the ALM and the benchmark data obtained with the rotor blade-resolved CFD 
model from Section 4.2, for TSR=2.5. In general, the set-up with (AM=6, 'L=1.5) provides 
the best agreement between the two, almost matching the upwind peak load position and 
intensity (#W90°) and minimizing the gap in terms of torque production in the downwind 
sector (180° < # < 360°). Therefore, this configuration will be used in the following 
simulation campaign and variable pitch optimization (see Chapter 6). In spite of the 
calibration procedure described so far, the ALM still struggles to capture specific 
phenomena of Darrieus operation, such as the lag between angle of attack and blade loads 
in the pitch-down phase (90° < # < 180°) [95]. This effect is in fact notoriously hard to 
describe with simpler dynamic stall models such as the Berg one, since they do not have 
an explicit formulation for unsteady loads in the attached flow region (see Section 3.4.2). 
The observed overestimation of blade loading in the downwind region is instead related 
to the well-known tendency of the ALM to underestimate the rotor blockage phenomenon, 
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i.e., the slowing down of the flow due to energy extraction, happening in the upwind one, 
as it will be shown in the validation phase (see Section 3.9). 

3.9 Validation  
In this section, the ALM tool calibrated in Section 3.8 is validated against the high-

fidelity data available for the selected VAWTs (see Chapter 2), to highlight the positive 
and negative aspects of the approach and assess its reliability for the successive testing of 
the power augmentation strategies object of this thesis work. The latter were directly 
applied to the hydrokinetic rotor (HKT), which therefore will not be included in this 
section.   

 First part of the validation process is based on the one-blade R515 turbine. Given the 
quality of the corresponding reference data, the analysis will focus on the capability of 
the proposed ALM approach to reproduce the effect of tip vortexes on the blade loading 
profile along the span and the rotor wake flow field. The sensitivity of the predicted 
performance to the combination of the different sub-models available in the tool is also 
performed.  

The same investigation is then repeated for the two-blade R500 rotor, this time shifting 
the attention to the rotor midspan plane, which the experimental and CFD blade load 
data refer to. In this context, the impact of the application of a dynamic stall model when 
simulating the turbine at an unstable operating point (TSR=2) is illustrated. Eventually, 
the three-dimensional rotor flow field computed with the ALM is compared to the 
available PIV measurements.  

3.9.1 Finite wing 

As already shown during the calibration process (see Section 3.8.1.2), the baseline 
ALM fails in resolving the blade loading degradation occurring along the span due to end 
effects, in spite of providing, if properly set, a good estimation of the tip vortex structure. 
This aspect is notably improved by the application of the Da!-Sørensen (DS) correction, 
as shown in Figure 3.41, where the results of corrected ALM simulations are compared 
against LLT and blade-resolved CFD data for three different Aspect Ratios (AR) and 
AoA=6°. The ALM nonetheless still tends to overestimate the section lift coefficient in 
the last 20% of the blade with respect to the other datasets, i.e., underestimate the vortex 
induced downwash. This might be related to the DS model own formulation or to its 
coupling to the proposed ALM tool, in particular with the LineAverage velocity sampling 
technique (see Section 3.3). In integral terms, this deviation reflects nonetheless on a lower 
3-D lift, i.e., obtained by integration along the whole blade, with respect to LLT and 
CFD. As shown in Figure 3.41, the variation of this coefficient with the Aspect Ratio is 
coherent with the reference ones.  
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Figure 3.41: Comparison between corrected ALM, LLT and CFD for different Aspect Ratios 
(AR). 

3.9.2 One-blade rotor 

3.9.2.1  Blade loading 
Figure 3.42 reports the comparison between the ALM blade torque profiles both along 

one rotor revolution and in the spanwise direction, made non-dimensional according to 
Eq. 3.40, and the corresponding trends resulting from the 3-D blade-resolved CFD 
calculations of Balduzzi et al. [51]:  @E = ,W0.5<200!0 (3.40) 

where Tz denotes the instantaneous torque per unit blade length.  
At first glance, it can be seen how the direct application of the ALM approach without 

any specific sub-model, here referred to as baseline, yields already an overall fairly 
accurate prediction of the CFD benchmark data. In the first 80% of the blade span in 
particular, the lumped-parameter approach is capable to reconstruct the shape of the 
azimuthal torque trend, especially in the upwind sector (0° £ # £ 180°), where a good 
estimation of both magnitude and angular position of the torque peak is achieved. Some 
specific phenomena nonetheless, which characterize the rotor aerodynamic behavior, still 
fail to be captured. In the downwind region (180° £ # £ 360°) for instance, due to the well-
known tendency of the ALM to underestimate the upwind rotor blockage effect, i.e., the 
slowing down of the flow due to energy extraction, torque production is overestimated 
over the whole angular range under consideration.  

Taking into account the flow curvature phenomenon first and then the actual position 
of the Blade-Spoke Connection (BSC), which for the R515 rotor is exceptionally at mid-
chord (x/c=0.5), led to a slight improvement in the computed torque azimuthal profile, 
especially in the downwind sector of the rotor. Behind this seemingly marginal variation 
in the predicted performance though, lies a substantial repartition of the blade 
aerodynamic loads with respect to the standard case of BSC at quarter-chord (x/c=0.25), 
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for which the only contributor to the blade torque is the one related to the tangential 
force FX ? R. 

As shown in Figure 3.43, shifting the BSC to mid-chord (BSC=0.5) leads on the other 
hand to a significant re-balancing of the FT between the upwind and downwind sectors of 
the rotor, due to the apparent pitch (in this case ca. 2°) related to the blade new 
kinematics. In this case, the normal force directly affects the overall torque balance in the 
form of an oscillating pitching moment FY ? d, increasing the blade energy extraction in 
the upwind region and decreasing it in the downwind one, as already reported in [74].  

The eventual addition of the pitching moment sub-model resulted in no significant 
variations in the predicted blade loads, as evident in Figure 3.42. This confirms the 
negligible weight of such phenomenon during turbine stable operation, i.e., when the blade 
angle of attack remains confined in the pre-stall region.  
 
 

 

Figure 3.42: Comparisons between CFD and ALM in terms of torque coefficient Cm. 
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Figure 3.43: Effect of BSC on blade loading repartition at rotor midspan.  

In spite of all the modelling effort spent so far, all tested code variants are unable to 
properly resolve the performance degradation at the blade tip due to end effects, i.e., the 
formation of tip vortexes. This result confirms the observations already made in Section 
3.8.1.2 for the finite wing case. As apparent from Figure 3.42 in fact, where the torque 
coefficient is averaged over one rotor revolution and reported as a function of the spanwise 
coordinate z, the ALM approach is not able to predict the corresponding blade loading 
drop characterizing the last 20% of the blade span with the same intensity encountered 
in the CFD benchmark data, where the computed Cm experiences a strong reduction down 
to negative values. Considering as an example two sections at 80% and 95% of the blade 
span, respectively, no substantial alteration of the ALM instantaneous Cm azimuthal 
profile can be observed with respect to the midspan one (z/H=0).  

The introduction of the selected tip loss models (see Section 3.5) provides a notable 
improvement to the description of the blade loading profile along the span with respect 
to the uncorrected ALM (“ALM – no tl”, which still features all the other corrections), 
as shown in Figure 3.44. Upon a first examination of the global blade torque coefficient 
Cm, it might seem that the simpler Glauert model is the one that best matches the 
reference CFD curve. This comparison is biased nonetheless by the integral nature of this 
coefficient, which might include other concurring effects, such as the rotor blockage 
already mentioned in the previous paragraph. By normalizing this index over its midspan 
value and reporting it along the span for selected blade azimuthal positions instead, it 
becomes clear how, especially at the highest loading conditions (#=90°), this correction 
tends to underestimate blade loads in the last 40% of the blade and, in general, to yield 
unphysical results. Therefore, this model should not be used for VAWT simulation in the current form. The Da!-Sørensen (DS) approach allows on contrary to obtain a fair 
agreement with the reference data both in low- and high-load conditions. Confirming what 
has been already observed for the finite-wing simulations (see Section 3.9.1), this 
formulation tends nonetheless to overestimate blade loading in the last 20% of the blade, 
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especially at the higher angle of attacks (45°< # < 90°), resulting in an overall higher 
blade torque than the blade-resolved one.   

 

Figure 3.44: Comparison between ALM and CFD for the one-blade rotor (R515). 

3.9.2.2  Turbine performance 
Figure 3.45 reports the comparison in terms of average power coefficient CP between 

the different ALM set-ups, normalised over the one coming from blade-resolved 
simulations. It must be noted that each set-up includes the preceding ones: for instance, 
the “pitching moment” data already takes into account the effects of flow curvature and 
Blade-Spoke Connection (BSC). Results of the LLT analysis from [51] are also reported 
for reference.  

Given a systematic error between ALM and CFD data of ca. 50%, which, as described 
in Section 3.9.2.1, is mainly related to specific ALM issues such as the underestimation of 
the upwind rotor blockage, it can be observed how the progressive introduction of the 
selected aerodynamic models leads to a steady improvement in the prediction of 
performance. More in detail, a ca. 15% reduction in the error on the power coefficient is 
achieved when moving from the baseline set-up to the most complete one, with the BSC 
and end effects model giving the highest contribution. This trend will be confirmed in 
Section 3.9.4, where the same analysis is performed in terms of correlation coefficient R2 
between the ALM and CFD azimuthal blade torque profiles. 
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Figure 3.45: Comparison in terms of power coefficient between ALM, CFD and LLT for the 
one-blade rotor (R515) at TSR=3.3. 

3.9.2.3  Wake flow fields 
In order to gain a deeper insight in the flow structure predicted by the ALM code and 

understand its effect on the computed blade loads, comparisons with the available 
benchmark CFD flow fields have been made in terms of velocity magnitude V/V0, 
normalized over the freestream wind speed V0, and vorticity. For the purpose, only the 
most complete ALM setup from the previous section, i.e., the “flow curvature + BSC + 
pitching moment + Da!-Sørensen”, has been considered. 
 

 

Figure 3.46: Comparisons between CFD and ALM in terms of velocity V/V0 at different x-y 
planes. 
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Figure 3.46 shows the velocity fields on planes normal to turbine axis (x-y in the 
adopted frame of reference) for #=90° and #=270°. At midspan (z/2H=0), ALM flow 
fields are fairly comparable to the CFD ones. The velocity deficit in the wake, as well as 
the position of the shear layers defining its borders with respect to the freestream, is 
properly captured. The same can be observed for the deceleration region in front of the 
rotor and the two acceleration spots on its sides, which are related to the blockage exerted 
by the turbine on the incoming flow [8]. In the downwind region nonetheless, due to the 
already mentioned difficulty of the ALM tool to properly quantify the upwind-downwind 
interaction, the flow encountered by the blades for #=270° is faster than the one predicted 
by CFD, with the corresponding overestimation of shaft torque (see Figure 3.42).  

Moving towards the tip region (z/2H=1), the deviation with respect to the benchmark 
data increases sharply over the whole rotor revolution. More in detail, a large acceleration 
zone, following the trace of the rotating airfoil wake, is observed in the CFD flow fields. 
Such flow pattern is probably related to the distortion induced by the three-dimensional 
vortex-like structures shedding from the blade tip [51]. The effect of the tip vortexes is 
not confined to the local flow field near the blade extremities, but it influences the whole 
wake development downstream of the machine. According to various studies [61,63] in 
fact, the swirling velocity component induced by these structures in a plane normal to 
the wind speed direction is responsible for the entrainment of air from the freestream flow 
to the upper portion of the turbine wake. Such phenomenon is clearly visible in Figure 
3.47, where the velocity fields on a plane normal to the wind direction (y-z) are reported 
at different streamwise positions. The blade, highlighted in grey for clarity, is positioned 
at #=90°. The dotted line, on the other hand, refers to the rotor swept area. At the rotor 
location (0 £ x/D £ 0.5), the velocity defect in the region extending right above the blade 
tip is quickly reabsorbed by the freestream, so that it is confined again within the rotor 
height. As the wake develops downstream, the enhanced mixing induced by tip vortexes 
provokes a progressive reduction in height of the maximum velocity defect region behind 
the rotor, which for x/D=1.5 covers approximately 80% of the blade span. If, on the one 
hand, this behavior is properly captured by the high fidelity CFD data, on the other hand 
it is notably underestimated in the ALM ones, where the flow pattern generated in the 
wake right behind the rotor (x/D=0.5) is preserved up to 1D downstream.  

One reason for this behavior is to be found in the tendency of the ALM, already 
observed during the calibration of finite wing simulations (see Section 3.8.1.2), to shed tip 
vortexes that, in spite of having the same circulation ( of their blade resolved 
counterparts, present a lower coherency and “age” way quicker. This is evident in Figure 
3.32 and is applies to every tested kernel size. ALM Simulations with !/c=0.1 in fact, in 
spite of matching the vortex core dimension rC in proximity of the blade tip, still predict 
a diffusion rate in the wake that is almost double of the CFD one. As a consequence, their 
capability to trigger mixing between the wake and freestream is notably reduced.  

The same phenomenon can be observed for the R515 rotor, at least qualitatively, in 
Figure 3.48, where the transversal component of the vorticity vector (y-vorticity) has 
been plotted on different planes tangential to the wind direction. In this case, the analysis 
of the vortex structure is made more difficult by its self-intersection in the wake. For 
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blade-resolved CFD, vortex shedding begins to occur at approximately 60% of the blade 
span, for then concentrating in coherent structures at its extremity. The flow structures 
predicted by the ALM instead are abruptly generated at the tip and are immediately 
spread over a wider area right after the shedding point. In spite of their lower coherence, 
they maintain nonetheless their structure for a longer downstream distance before being 
dissolved in the freestream flow. 
 

 

Figure 3.47: Comparisons between CFD and ALM in terms of velocity V/V0 for θ=90°, at 
different y-z planes. 
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Figure 3.48: Comparisons between CFD (left) and ALM (right) in terms of y-vorticity for 
θ=90°, at different x-z planes. 

The reason of the observed discrepancy between ALM and CFD is currently not clear. 
A minor factor might be the difference in grid resolution, which for CFD is notably higher. 
The coarser ALM meshes are then affected by a higher numerical dissipation. This 
hypothesis though is opposed by finite wing simulations (see Section 3.8.1.2), which 
showed how the main parameter affecting the tip vortex structure is the kernel width !/c. 
When considered together with the type of kernel function, the latter plays definitely a 
more important role, since it defines the nature of the local interaction between the 
“virtual” ALM blade tip and the flow and so the mechanism of generation of the tip 
vortexes. In this perspective, the use of more advanced smearing functions, such as the 
anisotropic kernel proposed in [83], might be a solution, even though they require higher 
grid resolutions. In the author’s view, it is important to remember that there is always 
going to be a certain gap with CFD, independently from the adopted strategy. As a matter 
of fact, one of the key elements in tip vortexes generation is the physical separation of the 
blade suction and pressure sides at its extremity [152,153], which naturally causes the 
transition of the fluid from the second to the first and so the vortex roll-up. In the hybrid 
approach instead, the profile is virtually replaced by a linear distribution of points along 
the span. As a consequence, these phenomena are inevitably neglected. 
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3.9.3 Two-blade rotor 

In order to assess the capability of the presented ALM tool to handle a geometry 
representative of a real Darrieus rotor, where solidity effects such as blade-wake 
interaction and rotor blockage are more relevant, the analysis moved to the second test 
case available, i.e., the R500 two-blade Darrieus machine (see Section 2.2). It must be 
noted that models for end effects were not validated on this test case due to the lack of 
reliable spanwise loading data.   

3.9.3.1  Blade loading 
Figure 3.49 shows the comparison in terms of blade loading at the rotor midspan 

between ALM, experimental and two-dimensional blade-resolved CFD data (see Section 
4.2.2) over one rotor revolution. It must be noted how the benchmark lift coefficient has 
been extracted from the numerical flow field with the same LineAverage technique 
adopted in this work. All forces are here normalized over the freestream momentum q0=0.5*V02, scaled over the turbine radius R.  

In general, the direct application of the ALM approach without any specific sub-model, 
here referred to as baseline, yields a quite poor prediction of the blade loading profile in 
all considered operating conditions. At TSR=2, the typical features of the dynamic stall 
phenomenon observed in the CFD lift data are completely absent. In the upwind region 
(0° £ # £ 180°), the lack of the stall delay and hysteresis effects in the lift curve, 
corresponding to the formation of the Leading Edge Vortex (LEV) on the airfoil suction 
side, reflects on the underestimation by the ALM of the load peak position and intensity. 
In the downwind (180° £ # £ 360°) one instead, where experiments and high-fidelity 
simulations predict the disruption of the blade’s performance due to their interaction with 
the vortices shed upwind, ALM simulations tends to overestimate the torque production. 
Going towards a stable operating point, i.e., TSR=4.5, the weight of dynamic effects on 
the blade loading profile is progressively reduced, although it does not fully disappear. In 
this condition nonetheless, the discrepancy between reference data and baseline 
simulations is still evident. As shown in Figure 3.49, the ALM lift loop presents on average 
a deviation in terms of slope and an offset with respect to the one sampled from CFD. 
This corresponds in turn to a positive offset of both FN and FT along the whole rotor 
revolution, which is particularly pronounced in the downwind sector. 

The lift loop misalignment described so far can be compensated by applying the flow 
curvature model, i.e., by taking into account the virtual camber and virtual incidence 
characterizing the airfoil while rotating in VAWT-like motion. This procedure corresponds 
in practice to the replacement of the original airfoil polar data with that of the virtually 
transformed one. In terms of blade loads, the achieved accuracy improvement is 
particularly pronounced at TSR=4.5, where the observed offset with respect to CFD in 
the predicted tangential and normal forces is considerably reduced. The ALM is able to 
capture the corresponding upwind peak value, both in intensity and angular position, as 
well as the overall force reduction in the downwind section.  
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 Figure 3.49:  Comparison between experimental, ALM and 2D CFD load data. 

The experimental data on the other hand, as stated by the same authors of the study, 
are still biased by a high degree of uncertainty due to issues in the force extrapolation 
method from PIV data (see Section 4.2.2). As a consequence, no rigorous comparison can 
be made. Decreasing the TSR, the weight of this correction on turbine performance 
becomes progressively lower, due to the increasing width of the considered AoA interval. 
Nonetheless, a better matching between ALM and reference forces is shown in the 
downwind region.  

Eventually, the addition of the calibrated Berg dynamic stall model (maximum lift; 
AM=6 as in Section 3.8.3) is associated to a more physical representation of the lift 
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coefficient behavior observed in the benchmark dataset at turbine unstable operation 
(TSR=2). As shown in Figure 3.49, both the stall delay and hysteresis phenomena are 
properly captured. Shifting the focus on the blade tangential force, it can be seen that 
this corresponds to a notable improvement in the code capability of predicting the 
downwind force intensity and upwind peak angular position. The magnitude of the latter 
however, as well as the overall force for 90° £ # £ 125°, is largely overestimated. In order 
to understand the reason for this phenomenon, Figure 3.50 reports in a synthetic way the 
comparison in terms of blade angle of attack and load azimuthal profiles between the 
ALM with dynamic stall modeling, the baseline ALM and the reference numerical and 
experimental data. 

 

Figure 3.50: Simulation of the R500 turbine with the Berg dynamic stall model for TSR=2.  

 
Shifting the focus on the Leading Edge Vortex (LEV) shedding cycle and its effects on 

the blade aerodynamic characteristics, three main events can be identified: 
§ LE vortex formation: as the angle of attack exceeds the static stall limit, a large 

separation region starts developing on the airfoil suction side. In dynamic conditions, 
this results in a steep increase in lift beyond the static maximum value, with a 
moderate enhancement of the profile drag. As a consequence, the blade tangential 
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force grows with the angle of attack, until a peak value is reached for #=65°. The Berg 
model in this case is able to properly locate the peak position, but, due to the difference 
in drag with respect to CFD and base ALM, the predicted value is overestimated of 
approximately 47%; 

§ LE Vortex detachment: further increase of the blade angle of attack results in the roll-
up of the separated boundary layer in two distinct vortices at the leading and trailing 
edge of the airfoil, until the LE one is shed into the downstream flow (#=85°). While 
the Berg model is able to properly predict the lift decay associated to this phase, it 
lacks to capture the steep drag increase presented by the CFD data, as already 
observed during the model calibration (see Figure 3.39). This discrepancy is maximum 
at the angular position corresponding to the shedding of the LE vortex, where the 
ratio of the CFD drag to the ALM one is 8:1. This explains why the proposed 
methodology fails in capturing the abrupt performance reduction observed in the 
reference data for 65°<#<85°; 

§ Flow re-attachment: eventually, as the angle of attack reaches its maximum value and 
then decreases until falling under the static stall limit, the flow on the airfoil suction 
side progressively gets closer to the profile surface, until an abrupt reattachment 
occurs. Due to the detached boundary layer inertia nonetheless, the corresponding 
drag values remains higher than those expected in the static loading case, almost 
nullifying the blade tangential force. In this case, although still underestimating the 
lift and drag oscillations for 125°<#<180°, the ALM is able to capture the airfoil 
average efficiency CL/CD trend, so that a fairly good description of the corresponding 
tangential force is provided. 

 
Concluding, the Berg model is unable to capture the drag rise associated to the LEV 

formation event, as it lacks an explicit formulation for such phenomenon (see Section 
3.4.2). This error is responsible for the observed large accuracy degradation in the upwind 
tangential force profile in Figure 3.49 and Figure 3.50. The corresponding effect on the 
normal force, due to the higher weight of the lift component over the drag one for the 
AoA range considered, is instead quite limited. In the downwind region on the other hand, 
this limit is less evident, and the Berg model is even able to “mimic” the flow disruption 
effect observed in the CFD data, by increasing drag for 240°<#<360°, i.e., when the AoA 
is lowering again.  

3.9.3.2  Power curve  
In order to measure the capability of the ALM tool to predict the global rotor 

performance, ALM simulations from the previous section with the complete set-up were 
extended to the whole turbine power curve. In this case, the analysis was purely two-
dimensional, as no three-dimensional blade-resolved CFD data was available for this test 
case. In the author’s view, this approach does not lack generality, as long as tip or structs 
effects are taken into account.  
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Figure 3.51: Comparison between ALM and CFD: a) power curve b) tangential blade force for 
the maximum efficiency point (TSR=3.5).   

Upon a first examination of Figure 3.51a, where the machine performance is reported 
in terms of power coefficient CP, it can be seen how the ALM curve, although similar in 
shape, tends to overestimate the CFD one in all operating conditions of a constant offset 
of ca. +10%.  

At TSR=2, this discrepancy is amplified by the issues presented by the Berg model 
when simulating severe dynamic stall conditions, as already discussed in Section 3.9.3.1. 

For higher rotational speeds instead (TSR=3.5 and TSR=4.5), the main source of 
scattering is the well-recognized tendency of the ALM formulation to underestimate the 
rotor blockage effect, i.e., the slowing down of the incoming flow in the downwind sector 
due to upwind energy extraction. The Berg model in fact performs quite well here, as 
shown in Figure 3.51b for the maximum efficiency point (TSR=3.5). Looking at the 
corresponding torque profile, it can be seen that in the upwind region the agreement with 
the reference CFD data is notably improved with respect to the TSR=2 case, both in 
terms of peak position and intensity and overall curve amplitude. This is a first proof of 
the suitability of this model for operating conditions, in which dynamic stall is present 
but does not have a major role in determining the blade loading profile, as postulated in 
Section 3.4.2. 

3.9.3.3  Wake flow field 
The availability of high-fidelity PIV wake velocity data for the R500 machine (see 

Section 2.2) represented a valuable opportunity to gain a deeper insight into the capability 
of the ALM tool in reproducing the flow pattern of a real VAWT. For the purpose, only 
the most accurate ALM version from the Section 3.9.3.1, i.e., with the flow curvature 
correction, has been considered for TSR=4.5. 

Figure 3.52 reports the comparison in terms of streamwise velocity between 
experimental and ALM data, at the rotor midspan plane (z/H=0). The considered blade 
angular position is #=90°. As for the single-blade machine, the presented tool is able to 
reproduce all the main features of the wake in a fairly accurate way, even for a higher 
solidity rotor such as the one under consideration. More in detail, both the intensity of 
the turbine blockage on the incoming flow, i.e., the deceleration region in the front and 
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the two acceleration ones on the sides are correctly captured, as well as the wake extension 
downstream of the rotor. The ALM nonetheless does not predict the overall wake skewness 
observed in the PIV flow fields, with the right border (y/R >0) 0.5R larger than the left 
one. These features are even more evident when looking at the z-vorticity on the same 
plane, here made non-dimensional to be compared with experimental data (see Figure 
3.52). The shear layers defining the wake borders with respect to the freestream flow are 
properly captured by the ALM data, even though they tend to be more diffused with 
respect to their PIV counterparts. This is probably related to the use of a smearing 
function inside the code. For the same reason, second-order aerodynamic phenomena such 
as the Kelvin-Helmoltz instabilities in the wake shear layer, cannot be properly resolved.  

 

 

Figure 3.52: Comparison between experimental and ALM flow fields. 

Shifting to a three-dimensional perspective, on the other hand, the ALM shows a 
noteworthy accuracy reduction, as already observed for the one-blade machine (see 
Section 3.9.2). More in detail, such approach, although able to reconstruct the overall 
wake shape, fails in taking into account the tip vortexes effect on the flow downstream of 
the rotor. This is particularly evident from Figure 3.53 and Figure 3.54, where both 
experimental and numerical wake structures are reported on different planes tangential 
to the wind direction (x-z). 

At the wake lateral borders (y/R=±1), the agreement with experimental data is fairly 
good over the whole blade span, although numerical data tend to slightly overestimate 
rotor blockage with respect to experimental one, in terms of both flow acceleration (see 
Figure 3.53) and deflection (see Figure 3.54). In the near-tip region though (z/H > 0.5), 
the flow disruption and mixing due to tip vortexes is completely absent in the ALM 
velocity fields. Moving towards the central sector of the wake (-0.8 £ y/R £ 0.8), this 
absence is even more evident. The mixing of the tip flow with the freestream one, already 
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observed for the one-blade machine, is underpredicted. As a matter of fact, whilst the 
PIV wake starts lowering in height after 2R from the turbine shaft, the ALM one 
maintains the same spanwise extension for at least 3R, before slightly flattening as it 
develops downstream.   

In spite of the aforementioned issues, the presented hybrid model still manages to 
outline some of the typical structures characterizing the presence of vortex shedding from 
the blade extremities. In Figure 3.53 and Figure 3.54, for instance, alternated acceleration 
and deceleration spots can be observed in the tip region for both streamwise and 
transversal velocity components, corresponding to the influence of a three-dimensional 
swirling flow structure. Once again, the predicted intensity is much lower than in the 
available PIV data, confirming the same observations made for the R515 one-blade rotor 
(see Section 3.9.2).  
 
 

  

Figure 3.53: Comparison of streamwise velocity between experiments and ALM for #=90°, at 
different X-Z planes. 
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Figure 3.54: Comparison of transversal velocity between experiments and ALM for #=90°, at 
different X-Z planes. 

3.9.4 Discussion 

Based on the results illustrated in the previous sections, the proposed ALM tool has 
been able to provide fairly accurate predictions of the turbine blade loads and of the main 
features of the flow field in comparison to blade-resolved CFD simulations. It is worth 
reminding that this was achieved at a computational cost notably lower than that of the 
higher order method. Simulating the theoretical half-blade of the R515 turbine for 
instance took approximately 887500 hours per revolution on a single core, against the 20 
hours of the ALM, resulting in a reduction of more than five orders of magnitude of the 
required computation resources. 

The proposed methods and models all proved to have a positive impact on the accuracy 
of the simulations, leading to an overall increase in the correlation R2 (see Eq. 3.37) 
between the ALM torque profile and the benchmark one with respect to the baseline 
formulation, as shown in Figure 3.55. It must be noted that each set-up includes the 
preceding ones: for instance, the “pitching moment” data already takes into account the 
effects of flow curvature and Blade-Spoke Connection (BSC).  
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Figure 3.55: Impact of the different models on the correlation R2 between ALM and CFD. 

For all considered test cases, the highest accuracy has been achieved at the turbine 
midspan plane, where the flow behavior can be considered inherently two-dimensional. 
For the one-blade rotor, a fair estimation of the upwind performance has been achieved, 
with an error on the peak torque value (θ=90°) of only 3.5%, whilst the torque profile is 
overestimated in the downwind sector due to the well-known tendency of the ALM 
approach to underestimate the upwind flow blockage effect. Given the particular 
architecture of this rotor, the Blade-Spoke Connection (BSC) model is the one with the 
highest influence on predicted performance, especially if the different contributions to 
torque production are taken into consideration. Overall, the sum of adopted models led 
to a R2 increase of ca. 16%, without the contribution of 3-D effects.  

For the two-blade machine on the other hand, a good agreement with reference data 
in terms of blade loading has been obtained over the whole rotor revolution, especially at 
the stable operating point (TSR=4.5). In this case, accounting for the flow curvature 
effect has revealed to be pivotal for the tool accuracy, raising the correlation R2 between 
ALM and blade-resolved CFD torque trends up to ca. 0.977 (+3%). Considering instead 
the turbine unstable operation (TSR=2), for which the computation of the R2 has been 
made impossible by the highly oscillating nature of the corresponding dataset, it has been 
observed how the introduction of the Berg dynamic stall model, coupled with the new 
methods to sample the angle of attack and to smooth it, respectively, has notably 
improved the description of the blade behavior in severely unsteady conditions with 
respect to the baseline approach. Nonetheless, the model still fails in capturing the airfoil 
drag increase associated to the Leading Edge Vortex event, leading to a large 
overestimation of blade torque in the upwind region. At the peak, such deviation can be 
ca. 25%. Thus, ad hoc modifications to the current model or the selection of a more 
advanced one are needed in the future.  
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Moving towards the blade tip region, in particular towards the last 20% of the blade 
span, a progressively increasing accuracy degradation has been observed for all ALM set-
ups, both in terms of predicted loads and flow fields. More in detail, the presented ALM 
formulation, although capable of capturing the main characteristics of the vortex-like 
structures in the tip region, as well as their intensity, tends to overestimate their aging 
speed with respect to blade-resolved data. As a consequence, many of the corresponding 
effects on the wake flow pattern are largely underestimated. For instance, the flattening 
of the wake in the spanwise direction, observed in the numerical and experimental flow 
fields as a consequence of the entrainment of air from the freestream to the upper portion 
of the wake by the tip vortexes, is almost absent in ALM simulations.  

If this gap in terms of predicted flow pattern is not solvable with the current methods, 
the one related to the spanwise blade load distribution can be filled for a major part by 
the adoption of a dedicated end effects formulation. For the one-blade rotor for instance, 
the introduction of the Da!-Sørensen (DS) model, with its own limitations, led to a 
notable improvement in the description of the spanwise torque drop present in the 
reference CFD data, raising the maximum correlation coefficient from ca. R2=0.7 to ca. 
R2=0.77. Compared to the baseline, this corresponds to an accuracy increment of +31%.  

Concluding, the proposed methods and models are thought to represent a milestone in 
the path leading hybrid tools for VAWTs to a level of maturity comparable to that of 
their counterparts for HAWTs. The obtained accuracy level, notwithstanding all the 
issues highlighted so far, is considered to be sufficient by the author for the purposes of 
this study, especially for the proposed 2-D investigations such as the variable pitch 
optimization of Chapter 6. 
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4 Blade-resolved CFD 
 
 
Blade-resolved CFD, i.e., taking account the detailed geometry of the blade/rotor to 

be solved, played mainly two roles in this thesis work.  
On one hand, it was used for the calibration and validation of the ALM approach 

proposed in Chapter 3, as the latter method suffers inevitably from the approximation 
introduced by the lumped-parameter approach. For specific activities, such as the variable 
pitch optimization of Chapter 6, this tool was also used for the verification a posteriori 
of the results obtained with the ALM. On the other hand, CFD was used for direct 
aerodynamic analysis, e.g., for the study of the Gurney Flap on both pitching and rotating 
blades (see Chapter 5), following the general multi-fidelity approach of this work. In fact, 
the configurations under analysis were too complex to be simulated with the ALM. The 
main drawback was that, due to the elevated computational cost of the CFD tool, the 
investigation domain was limited to a few cases, even with the 2-D formulation.  

Two different tools were employed: a pitching airfoil (Section 4.1) and a rotor model 
(section 4.2), whose formulation is described in the following sections.  

4.1 Pitching airfoil model 
One of the pillars of the present work is the 2-D blade-resolved pitching airfoil model 

developed by the research group over years of profiles aerodynamic simulation) [146,154] 
(see Section 4.1.1). In the frame of this thesis, the latter was employed in different 
formulations, based on the application: 
§ Polar data: steady 2-D simulations were run to obtain the pre-stall data for ALM 

simulations in the medium Re range, where this approach performs best. Object of the 
investigation was in particular the DU-06-W-200 profile mounted on the HKT rotor 
(see Section 3.6.1); 

§ Velocity sampling: the pitching approach was used for the validation of the 
LineAverage sampling method, as described in Section 3.3.2. More in detail, it was 
used to reconstruct the blade load history from the sampled AoA 

§ Gurney Flaps: the pitching model was here extended and validated (see Section 4.1) 
for the static and dynamic simulation of airfoil equipped with trailing edge tabs 
(Gurney Flaps), in order to characterize their potential in the power augmentation of 
Darrieus turbines, as described in Chapter 5; 

§ Finite wing: for the characterization of tip vortexes and the validation of the 
corresponding correction for the ALM tool (see Section 3.8.1.2), the pitching model 
was re-built in a steady, 3-D formulation. The latter was used for the analysis of an 
isolated blade at different angles of attack and Aspect Ratios (AR). 
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It must be noted how the latter two variants were purposely developed for the present 
thesis work.  

4.1.1 2-D model 

All two-dimensional airfoil simulations were carried out with the unsteady Reynolds 
Averaged Navier Stokes (U-RANS) approach assessed and validated by the research group 
over the years in the ANSYS® FLUENT® solver (v. 20.2) [146,154]. A coupled pressure-
based formulation is adopted to solve the set of mass and momentum conservation 
equations. Discretization schemes are second-order upwind for the convective terms, 
second-order for pressure interpolation and bounded second-order scheme for the time 
marching, respectively. Only exception is the generation of polar data for ALM 
simulations (see Section 3.6.1), which were performed via multiple steady runs at a 
prescribed inlet AoA.  

As reported in Table 4.1, the chosen turbulence model depended on the application. 
Pitching airfoil tests were performed with the 3-Eqs. Transitional �-" SST (Shear Stress 
Transport) model, due to the corresponding low Reynolds numbers (see Sections 3.3.2 
and 5.1.2). The latter is in fact able to capture the features of the laminar-turbulent 
transition region, as demonstrated in a dedicated study on the NACA0021 airfoil [155], 
without having the same instability issues of the 4-Eqs. '-Re! model [132], which was 
used instead for steady polar data generation at the higher Re. 

 

   

Figure 4.1: Computational grid used for the pitching airfoil CFD model: a) computational 
domain b) wake refinement c) airfoil refinement d) airfoil boundary layer. 

The computational domain has an open field configuration, with an overall extent of 
L=60c and a width of W=40c to avoid blockage effects. As shown in Figure 4.1a, the 
latter is separated into two parts: an external bullet-shaped region and an internal circular 
one, containing the airfoil under testing. The adoption of a sliding interface allows the 
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rotation of the latter, whose angular position can be varied during the simulation 
according to a specific user-defined profile. At its boundaries, the standard far field 
boundary conditions for external flows are applied: uniform velocity, turbulence intensity 
and length scale at the inlet boundary, ambient pressure at the outlet one. The blade 
surface is modeled instead as smooth no	slip wall.  

For its discretization, an unstructured, triangular mesh was employed. In order to 
optimize the overall number of mesh elements and their distribution, local refinements 
were applied in proximity of the airfoil and its wake (see Figure 4.1b). As clearly visible 
in Figure 4.1d, an O-grid of quadrilateral elements was used around the blade boundary 
layer: the size of the wall-adjacent cell is able to guarantee a value of the dimensionless 
wall distance (y+) lower than ~1, while the total number of layers is 40. For Gurney Flaps 
simulations in particular, a higher mesh resolution was necessary at the trailing edge of 
the blade due to the high-frequency vortex shedding phenomenon occurring at the lower 
AoA [20].  
 

 

Figure 4.2: Grid sensitivity analysis for GF simulations (left) and resulting mesh (right): a) 
airfoil b) GF2.5% c) FT2.5%. 

The optimal grid size for each application was defined based on the experience 
cumulated by the research group over the years [146,154], as reported in Table 4.1 For 
Gurney Flap simulations nonetheless, an ad hoc grid convergence study has been 
performed, given the different geometrical features of the airfoil. Three different grids 
were defined, progressively increasing the number of nodes on the airfoil from 600 (M1, 
1.6x105 cells) to 1200 (M3, 4.8x105 cells). Upon comparison of the error in the aerodynamic 
coefficients at Re=180k for the GF2.5% case (see Figure 4.2), it can be concluded that 
the results obtained with the M2 and M3 grids nearly overlap, as confirmed also by the 
coefficient of determination R2 (see Eq. 3.37), since their similarity is 99.6%. Therefore, 
the M2 mesh was selected for the following GF analyses.  

Same approach was followed for the angular timestep, which ranged between 0.05 and 
0.005 degrees depending on the simulated conditions. In the Gurney Flap case, the 
minimum timestep was imposed by the frequency of the aforementioned TE vortex 
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shedding fGF, which in the present work was estimated as function of the flow Strouhal 
number Sr based on the semi-empirical correlation for cylinders [156] below: 

 �ZV = 0!-K> = 0!> ? 0.198 71 8 19.7.;1: (4.1) 

 where L is here the Gurney Flap length. From fGF, the timestep was obtained by 
imposing 500 steps per shedding cycle.  

4.1.2 3-D model 

 

Figure 4.3: Finite wing computational domain and mesh – side view. 

Table 4.1: Numerical settings for blade-resolved airfoil simulations. 

Setting 
2D simulations 

3-D 
simulations polar data pitching 

airfoil 
pitching airfoil 

(GF) 
# elements sliding 
interface 500 500 500 500 

# elements (blade) 720 720 720 720 

# layers (boundary 
layer) [-] 40 40 40 40 

# elements span - - - 150 

type  RANS URANS URANS RANS 

turbulence model  $-Re! (4 Eqs) transition k-% 
SST (3 Eqs) 

transition k-% SST 
(3 Eqs) 

k-% SST (2 
Eqs) 

angular timestep [°] - 0.005-0.05 0.005-0.05 - 

 
The 3-D model used for steady finite wing simulations, whose results are reported in 

Section 3.8.1.2, was built as an extrusion in the spanwise direction of the 2-D one of the 
previous section, employing 80 layers along the blade height and distributing them 
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according to an exponential bias to optimize the grid density at the tip [51]. The 
computational domain was further extended by 2.5H in the vertical direction (see Figure 
4.3), so the symmetry condition could be applied on the upper boundary without 
interfering with the shed tip vorticity. As reported in Table 4.1, for this case the regular 
2 Eqs. k-" SST model was adopted.  
4.1.3 Validation  

The pitching airfoil CFD model presented in Section 4.1.1 was validated for the Gurney 
Flap case against dedicated experimental measurements, performed in the wind tunnel of 
the Hermann-Föttinger-Institute (HFI) of the TU Berlin [144]. Once again, this procedure 
was required by the novel nature of the GF device.  

 

 

Figure 4.4: Experimental set-up [144]. 

The assessment was carried out for the NACA0021 profile in both static and dynamic 
conditions, considering a chord-based Reynolds number of Re=180k, AoA ∈ [0° 30°] 
degrees and an inlet turbulence intensity of I=1%, measured in the core of the tunnel 
flow. Three GF configurations, besides the baseline airfoil (“smooth”), were selected: two 
one-sided with a tab length of 1.4% (GF1.4%) and 2.5% (GF2.5%) of the chord, 
respectively, and a two-sided variant with a tab length of 2.5%c and inclination of 45° 
with respect to the chord line, denominated Fish Tail (FT2.5%). For a detailed description 
of tested geometries, please refer to Section 5.1.2. Dynamic tests were run by imposing a 
pitching motion to the airfoil, according to a sinusoidal law, oscillating in the range AoA 
∈ [10° 30°] at a reduced frequency of k=0.05, as defined in Eq. 4.2:   � = [�20!  (4.2) 

where f is the oscillation frequency and V0 the freestream velocity.  
Before examining the validation results reported in the following sections, it must be 

noted that experimental data required a specific correction before being compared to the 
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numerical ones. Due to the open jet configuration of the experimental set-up in fact (see 
Figure 4.4), the local flow at the exit of the nozzle is is deflected by the profile itself, 
modifying the effective angle of attack with respect to the nominal one [144].  

4.1.3.1  Static polars 
Figure 4.5 reports the comparison between CFD simulations and experiments in terms 

of lift and drag coefficients for the smooth, GF2.5% and FT2.5% configurations, 
respectively. Only corrected measured data is shown for readability. Overall, a good 
agreement between the two datasets was observed for all the analyzed cases. The CFD 
model was able to properly capture the whole lift and drag trends for both the smooth 
and GF2.5% configurations. Concerning the FT2.5% configuration, the slopes of the 
curves, as well as the maximum values of CL and CD, were correctly estimated, although 
a 1 degree shift between measured and simulated curves can be observed. 

 

 

Figure 4.5: Comparison between experimental and numerical static polars for Re=180k: (a) 
smooth (b) GF2.5% (c) FT2.5%. 

It is worth noticing that the lift increase obtained with the GF2.5% geometry is 
roughly +37% if compared to the smooth airfoil, at the cost of a +25% drag. The same 
peak performance are achieved with the FT2.5% geometry, but with a reduced penalty in 
terms of maximum drag (+16%). Over the whole range of positive incidences nonetheless, 
lift generation is penalized with respect to the GF2.5% case. The advantage of the FT2.5% 
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case over the GF2.5% is that the polars are symmetric, with no detriment of the 
performance for negative incidence [144]. 

4.1.3.2  Sinusoidal pitching 
The same analysis of the previous section was repeated in dynamic conditions, by 

imposing a sinusoidal movement for the wind tunnel setup with AoA ∈ [0° 30°] and 
k=0.05. Such range, which corresponds to AoA ∈ [6.7° 22.5°] after the correction, was 
selected in order to perform a pitching beyond the stall point, since the cosine function is 
centered on the static stall angle. Numerical simulations required 3–4 repetitions of the 
pitching motion to achieve a periodic solution due to the deterministic formulation of 
RANS equations, while 40 repetitions were needed for the experiments due to a larger 
data dispersion of the real stochastic phenomenon. 

Upon examination of Figure 4.6, a good matching between the CFD and the corrected 
experimental curves can be observed. In particular, the maximum lift increase and the 
subsequent delayed stall, with respect to the steady polar with GF, are suitably 
reproduced with the numerical model, as well as the instability when approaching the 
maximum angular position. The size of both drag and lift hysteresis loops is comparable, 
although drag and lift values during pitch down are slightly overestimated. CFD trends 
seem to show a more unstable behavior, although this is only a consequence of the 
averaging of the experiments. The fluctuation of forces during a single experimental cycle 
is actually comparable to CFD oscillations.  

 

 

Figure 4.6: Comparison between experimental and CFD for the GF2.5% subjected to a 
sinusoidal oscillation at Re=180k and k=0.05.  

4.2 Rotor model 
The kind of analysis presented in this study required a robust and reliable numerical 

model of the test turbine, to be used for the evaluation of the flow field around the rotating 
blades and the corresponding aerodynamic forces. The latter served not only for validation 
purposes as in the ALM case, but also for the development of new methodologies such as 
the LineAverage and the direct testing of power augmentation strategies as in the Gurney 
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Flap case. The reliability of the presented blade-resolved model has been verified by the 
research group over years of VAWTs simulations [146,157] and was recently extended to 
hydrokinetic machines with the validation against both tow tank [54] and on field [43] 
experimental tests.  

4.2.1 Numerical set-up 

All two-dimensional Darrieus simulations were carried out with an unsteady Reynolds-
Averaged Navier-Stokes (U-RANS) approach via the commercial solver ANSYS® 
FLUENT®, in the 20.2 release. The adopted approach exploits the coupled algorithm for 
pressure-velocity coupling, and the 2nd order upwind scheme for both RANS and 
turbulence equations. For turbulence closure, the k-" SST model [145] was adopted, in 
virtue of its suitability to VAWT simulation observed by the research group in previous 
works [146,154]. For detailed information about the settings for convergence definition, 
maximum inner iterations and residuals, please refer to [146]. 

 

 

Figure 4.7: Overview of the mesh used for blade-resolved CFD simulations: (a) computational 
domain (b) wake refinement region (c) blade rotating region (d) airfoil leading edge boundary 
layer. 

Figure 4.7 shows the computational domain adopted in the present study. All 
boundaries were distanced from the turbine axis in such a way, that the standard far field 
boundary conditions could be applied. Reference length unit for the analysis is the rotor 
diameter D. More in detail, a uniform flow velocity, corresponding to the freestream wind 
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speed V0, was imposed at the inlet section, the ambient pressure condition at the outlet. 
For the lateral boundaries, a symmetry condition is defined. In order to allow the rotation 
of the machine, the computational domain was divided in two regions, coupled together 
via a sliding mesh technique: a) the external domain b) a circular region, which includes 
the turbine blades and shaft, rotating at a constant rotational speed #. In the case of 
variable pitch simulations, a further sub-division was introduced for the region 
surrounding each blade (see Figure 4.7c), so that they could rotate independently with 
respect to the rotor. Their motion is controlled by a FLUENT® User Defined Function 
(UDF), according to the pitch law defined in Section 6.1. 

An unstructured mesh, composed by triangular elements, was adopted for the whole 
domain, progressively refining towards the rotor region. In order to properly capture the 
development and mixing of the wake behind the rotor, an ad hoc drop-shaped refinement 
region was defined, as shown in Figure 4.7b. For the blade discretization on the other 
hand, an O-grid of quadrilateral elements was used, as visible in Figure 4.7d, so that the 
boundary layer around the airfoil could be adequately resolved. Complying with the 
requirements of the k-" SST turbulence model, the size of the wall-adjacent cell was 
dimensioned to guarantee a dimensionless wall distance (y+) lower than ~1.  

The selected mesh refinement level and timestep were selected based on the experience 
of the authors on similar test cases and were verified to be compliant with the results of 
the sensitivity studies presented in [146] and particularly with the thresholds for the 
dimensionless vorticity and the Courant number proposed in [150]. An overview of the 
settings used for each test rotor is reported in Table 4.2. It is worth noting how a 
considerably higher resolution around the airfoil as well as a lower angular timestep were 
adopted for operating conditions characterized by large-scale vortex shedding on a 
considerable portion of the rotor revolution, for instance the R500 at TSR=2, due to the 
predominance of dynamic stall, or the HKT with Gurney Flap. In the latter case in 
particular, this necessity was dictated by the high-frequency vortex shedding phenomenon 
occurring at the blade trailing edge for lower angles of attack, as already seen in Section 
4.1 for pitching airfoil simulations. In the same fashion, grid density at the Gurney Flap 
was locally increased via an ad hoc refinement region (see Figure 4.2).  

Table 4.2: Mesh settings for rotor blade-resolved simulations.  

Setting R500 HKT (GF) HKT (VP) TSR=2 TSR=4.5 

# elements sliding interface 700 500 500 500 

# elements (blade) 520 370 2000 720 

# layers (boundary layer) [-] 50 40 40 40 

grid size [# elements]  1.05e6 8.12e5 1.3e6 992’334 

angular timestep [°] 0.2 0.2 0.1 0.2 
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4.2.2 Validation 

The reliability of the employed CFD model was further assessed in this work against 
the PIV experimental data available for the R500 turbine (see Section 2.2). This was done 
by comparing the computed blade forces and flow fields surrounding the rotor. Although 
important for the development of the ALM tool, this step was particularly critical for the 
validation of the novel LineAverage sampling model introduced by the author in Section 
3.3.2.  

 

 

Figure 4.8: Comparison between experimental and CFD blade forces force azimuthal profile 
for: (a) TSR=2 (b) TSR=4.5. 

Figure 4.8 reports the comparison in terms of normal (FN) and tangential (FT) blade 
forces, in this case normalized over the freestream momentum q0=0.5*V02 and the turbine 
radius R, between numerical and experimental data over one rotor revolution. Looking at 
the normal force component, fairly good agreement is apparent at both TSRs, especially 
in the upwind region (0° 3 # 3 180°), while in the downwind region (180° 3 # 3 360°), 
probably due to the disturbances associated to the blade shed vorticity and the presence 
of the shaft (see Figure 4.9), the CFD curve tends to slightly deviate from experimental 
points. The same can be stated for the tangential force at TSR=2, where the local 
deviations between numerical and experimental data, given by the massive presence of 
dynamic stall vortexes in the flow field, must be attributed to the naturally lower sampling 
resolution of PIV data. For TSR=4.5 instead, a relevant mismatch between the two 
datasets can be observed, especially at #=135°. As stated by the authors of the wind tunnel tests [158], this anomaly is provoked by an error in the measurement of the rotor 
peripheral velocity, caused by the jittering of the generator rotational speed. Since the 
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approach used to extrapolate the blade forces from the PIV fields, i.e., the Noca method 
is very sensitive to the value of the blade angular position, such oscillation has been 
amplified in the output forces. 

 

Figure 4.9: Comparison between experimental and CFD flow fields for TSR=4.5. 
 

The same degree of matching, at least from a qualitative point of view, can be observed 
between the experimental and numerical flow fields shown in Figure 4.9. Both the 
experimental axial velocity and vorticity fields are well reproduced by CFD, although the 
predicted wake appears to be narrower and less deflected than the measured one.  

Overall, the fair agreement between the two approaches confirmed once again the 
suitability of the adopted CFD approach for the present analysis.  
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5 Gurney Flaps  
 
 
The first power augmentation devices investigated in this thesis work are Gurney Flaps 

(GFs), to be mounted on the trailing edge of Darrieus rotor blades. As described in detail 
in Section 1.3.1 in fact, these small tabs have the capability to enhance the profile 
performance in both static, with an increase in the aerodynamic efficiency CL/CD and the 
delay of the stall point (especially at lower Reynolds number), and dynamic conditions, 
where the overall flow behavior is stabilized. In particular, both amplitude of the CL, CD 
hysteresis cycle and intensity of nose-down pitching moment, responsible for flutter 
vibrational issues, are reduced. These characteristics make them particularly appealing 
for vertical-axis machines, where they can be used to achieve a more stable torque output 
and higher performance at the lower TSRs. Their benefits at the higher rotational speeds 
are not obvious, due to the inevitable increase in drag associated to the presence of the 
tab.  

To verify such premises, these devices were first tested on a selected airfoil in both 
static and pitching conditions, using for simulations a dedicated blade-resolved model (see 
Section 4.1). As a matter of fact, their complex geometry cannot be directly studied with 
the ALM approach. The analysis was then extended to the full turbine, selecting a test 
case the industrial hydrokinetic rotor (HKT, see Section 2.3) designed during the PhD 
activity. The corresponding availability of blade-resolved data represented a valuable 
opportunity for the validation of the ALM tool for GF simulation, as reported in Section 
5.2.2. 

 

5.1 Pitching airfoil 
In the first part of the investigation on the use of Gurney Flaps (GFs) for the power 

augmentation of Darrieus turbines, the behavior of this devices was characterized both 
from a static and dynamic point of view. Dynamic tests in particular were first performed 
with a sinusoidal oscillation (see Section 5.1.2.1), to be then extended to an arbitrary 
motion profile, more similar to the one experienced by Darrieus blades (see Section 
5.1.2.2). The corresponding test conditions are reported in Table 5.2. For this purpose, a 
dedicated blade-resolved pitching airfoil model was developed and validated against wind 
tunnel experiments, as described in detail in Section 4.1.  

In the frame of this analysis, two different GF configurations, to be applied to a 
NACA0021 airfoil, were defined according to the experience of the research group in the 
field [20]:  
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§ GF2.5%: the traditional, one-sided perpendicular tab, providing a strong lift 
enhancement throughout the entire range of positive incidence, i.e., when the flap 
operates on the Pressure Side (PS) of the airfoil, and allowing, for symmetric airfoils, 
a positive nonzero lift at zero-incidence condition. On the other hand, it leads to a 
detriment of performance at negative incidence;  

§ Fish Tail (FT2.5%): two-sided, inclined tab aimed at increasing the maximum lift for 
both positive and negative incidence values, at the expense of a lower lift augmentation 
at low incidence. The 45 deg inclination is necessary for mitigating the drag increase, 
not to obtain a worsening of the lift-to-drag ratio. 

 

 

Figure 5.1: Tested Gurney flap geometries on the NACA0021 airfoil: (a) smooth (b) GF2.5% 
(c) FT2.5%. 

Table 5.1: Tested geometries.  

Setting smooth GF2.5% FT2.5% 

airfoil NACA0021 NACA0021 NACA0021 

chord 0.14 0.14 0.14 

GF length [%c] - 2.5 2.5 

GF angle [deg] - 90 45 

Table 5.2: Test operating conditions.  

Setting static 
dynamic 

sinusoidal VAWT-like 

Re [k] 180 [180 270 360] 180 

k [-] - [0.14 0.28 0.42] 0.28 

AoA range [deg] [0 30] [7.5 22.5] [7 12.5] 

Turbulence intensity [%] 1 1 1 
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5.1.1 Static tests 

Figure 5.2 reports the comparison between CFD simulations and experiments in terms 
of lift and drag coefficients for the smooth, GF2.5% and FT2.5% configurations, 
respectively.  
 

 

Figure 5.2: Tested Gurney flap geometries on the NACA0021 airfoil: (a) smooth (b) GF2.5% 
(c) FT2.5%. 

The GF2.5% geometry is able to enhance the lift generation of the smooth airfoil 
throughout the whole range of positive incidences, with an increase of roughly +37% at 
the peak value. In spite of a simultaneous increase in the drag coefficient (+25%), this 
result in an overall improvement of the airfoil efficiency CL/CD, especially at the lower 
positive AoAs. The opposite trend is observed for the negative incidences, since the tab 
is in this case applying a negative camber effect to the blade.  

The asymmetry in performance observed for the GF2.5% can be solved by switching 
to the Fishtail (FT2.5%) configuration. In spite of the penalty at the positive AoAs with 
respect to the GF2.5% in fact, this design is able to increase the lift generation of the 
smooth airfoil over the whole incidence range, maintaining the same aerodynamic 
efficiency. This characteristic makes it particularly interesting for the use with vertical-
axis turbines. On top of that, it is worth noticing that the peak lift coefficient is the same 
of the GF2.5% case, but with a reduced drag penalty (+16% w.r.t. smooth).  
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5.1.2 Dynamic tests 

After having been validated against experimental data for k=0.05 and Re=180k (see 
Section 4.1.3.2), the pitching airfoil CFD model developed in the present thesis was used 
to explore the dynamic behavior of the airfoil equipped with Gurney flaps over a wide 
range of operating conditions.  

In the first part of the analysis (see Section 5.1.2.1), the influence on blade loads of 
different reduced frequencies and blade Reynolds numbers, which were selected based on 
the values usually experienced by small–to-medium size VAWT rotors, were tested for a 
sinusoidal angle of attack history. The corresponding range was adjusted to reproduce the 
oscillation amplitudes observed during the rotor unstable operation, i.e., at the lower 
TSRs, where dynamic stall is the most relevant.  

This range was then reduced for the second part of the analysis (see Section 5.1.2.2), 
to reproduce loading conditions corresponding to VAWT stable operation. In this case, 
due to the more marked difference in angle of attack between the upwind and downwind 
regions of the rotor, the sinusoidal profile was replaced with the one extracted via ad hoc 
sampling techniques from a blade-resolved simulation of a Darrieus rotor (see Figure 5.6). 
As a reference turbine, the original three-blade prototype, from which the one-blade R515 
variant was derived in the present thesis (see Section 2.1), was selected.  

5.1.2.1  Sinusoidal pitching 
At first, the influence of the Reynolds number was investigated considering a fixed 

reduced frequency of k=0.28. Three values were tested, starting from a minimum value 
of Re=180k up to a maximum value of Re=360k.  

 

 

Figure 5.3: Effect of Reynolds number Re at k=0.28: (a) smooth (b) GF2.5% (c) FT2.5%.  



Chapter 5 

109 

The effect of Reynolds number on the numerical unsteady polars is reported in Figure 
5.3 for the smooth, the GF2.5% and the FT2.5% geometries. If compared to the results 
of the validation reported in Section 4.1.3.2, which were obtained for k=0.05, one can first 
notice that the higher pitching frequency has led to a change of the dynamic behavior, 
since no onset of post-stall instability can be observed and the size of the lift hysteresis 
loops is reduced. The effect of the stall delay allows both the GF2.5% and FT2.5% 
configurations reaching maximum lift values that are substantially higher. Indeed, the 
smooth airfoil exhibits a maximum lift of 1.65 and 1.74 at Re=180k and Re=360k, 
respectively, while both Gurney flap cases reach values of 2.1 and 2.23. The lift 
augmentation is roughly +30%. In addition, the smooth airfoil shows an unstable behavior 
during the pitch down phase at Re=180k, with partial lift oscillations and drag increase. 
An analogous behavior can be observed for the GF2.5% and FT2.5% configurations at a 
higher Reynolds, i.e., Re=270k: the lift hysteresis loops is fluctuating with a reduced size 
and the drag hysteresis loops is much bigger, if compared to the smooth case. During the 
pitch-down phase, the trailing edge vortex for the smooth airfoil tends to be deflected from 
the pressure side to the suctions side, thus reducing the blade loading. Conversely, the 
presence of trailing edge flaps obstructs the trailing edge vortex deflection, thus 
maintaining a higher load on the blade also during pitch-down. As a final remark, the 
FT2.5% configuration during the pitch-up at high Reynolds allows the lift to better follow 
the static polar, while the smooth and GF2.5% configurations show a lift reduction at 
lower incidence.  

Then, the influence of the reduced frequency k was investigated at constant Re=180k. 
Three values were tested, starting from a minimum value of k=0.14 up to a maximum 
value of k=0.42.  
 

 

Figure 5.4: Effect of reduced frequency k at Re=180k: (a) smooth (b) GF2.5% (c) FT2.5%. 
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The numerical unsteady polars as a function of the reduced frequency are reported in 
Figure 5.4 for the smooth, GF2.5% and FT2.5% configurations. If compared to the 
influence of the Reynolds number in Figure 5.3, the reduced frequency has a much larger 
impact on the dynamic polars. At the slowest tested pitching (i.e., k=0.14), the stall delay 
effect still allows reaching a strong maximum lift increment during the pitch-up for both 
analyzed cases. On the other hand, the pitch-down phase is characterized by strong 
oscillations of the force coefficients and drag overshoots. An increase of the reduced 
frequency leads to higher lift gains. The lift increase provided by the GF2.5% 
configuration is roughly +25%, while the FT2.5% geometry allows reaching a +29% 
increase. Overall, they both guarantee an increase of the CL/CD ratio of roughly +8%. In 
case of a very fast pitching blade (i.e., k=0.42), the hysteresis loop becomes narrower and 
the marked drag increase at the maximum AoA disappears. The aerodynamics with or 
without trailing edge tabs changes drastically: the smooth airfoil experiences a detriment 
of performance throughout the entire pitch-up period. As a result, the lift peak is reduced 
by 11%. Conversely, the maximum lift is almost unaltered for the GF2.5% and FT2.5% 
configurations, although the lift trend during pitch-up becomes non-monotonic. During 
the first part of pitch-up, the lift shows the onset of an oscillating pattern, which is 
absorbed around AoA=10°, thus leading to a steep increase of lift. Overall, the lift gain 
is maximized at high reduced frequency, since the increase is +44% for the GF2.5% case 
and +42% for the FT2.5% case. 

  

 
Figure 5.5: Vorticity contours at AoA 10 deg during pitch up at Re = 180 k: (a) smooth case 
at k = 0.28, (b) FT2.5% case at k = 0.28 (c) smooth case at k = 0.42 (d) FT2.5% case at k = 
0.42.  
 

In order to understand the phenomena leading to such different performance, Figure 
5.5 shows the contours of the vorticity field for the blade at an incidence of AoA=10° 
during the pitch-up phase for the smooth and FT2.5% configurations. The simulations at 
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the reduced frequencies of k=0.28 and k=0.42 are compared. As one may notice, the flow 
field at k=0.28 is similar for both cases. The wake behind the trailing edge is properly 
guided by the blade and the suction side is characterized by the presence of both a 
detached bubble, originated during the pitch-down phase, and the onset of a leading edge 
vortex. At k=0.42, the strong lift reduction observed for the smooth airfoil in Figure 5.4a 
is due to the presence of a separation region on the suction side of the airfoil and to the 
inability of the pressure side of the blade to guide the trailing edge wake, which is deflected 
toward the suction side. Conversely, focusing on the FT2.5% airfoil, the presence of the 
flap obstructs the deflection of the trailing edge flow. As a result, the leading edge vortex 
is reattaching on the suction side, allowing a fast lift recovery. Indeed, at AoA=13°, the 
lift obtained with FT2.5% is exactly twice the value obtained with the smooth airfoil.  

 

5.1.2.2  VAWT-like pitching 
The analysis of a non-sinusoidal variation of AoA extrapolated from a Darrieus blade 

operating at optimal TSR is here reported. Indeed, in case of a sinusoidal pitching, also 
the rate of change of AoA (i.e., the angular velocity of the blade during the pitching 
motion) and the angular acceleration are sinusoidal functions.  

 

 

Figure 5.6: Comparison in terms of AoA and its time derivative between sinusoidal and 
VAWT-like pitching motions. 

Conversely, as shown in Figure 5.6, in case of a pitching characterized by a non-
harmonic change of AoA, the rate of change of AoA is non-sinusoidal, thus leading to 
sudden angular accelerations and/or decelerations of the relative incidence between the 
blade and the incoming flow. This is coherent with what happens in Darrieus VAWTs, 
where in fact the main driving parameter for dynamic stall onset is the AoA rate of change 
[8]. The adopted AoA profile, reported in Figure 5.6, was determined via dedicated post-
processing of the blade-resolved CFD results for a three-blade Darrieus rotor, whose 
specifics are reported in Section 2.1. The latter in fact is the original turbine, which the 
one-blade R515 rotor used in this thesis stems from. The considered case is characterized 
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by a dynamic change of AoA u [7°, 12.5°] and operating conditions of Re=180k and an 
average reduced frequency of k=0.28.  

 

 

Figure 5.7: CFD results for the different airfoil geometries in Darrieus operating conditions: lift 
and drag comparison. 

The comparison of the lift and drag hysteresis loops for the three tested geometrical 
configurations are shown in Figure 5.7. In order to elucidate how the non-sinusoidal AoA 
rate of change influences the dynamic behavior, the same cases were also simulated for a 
pure sinusoidal motion at analogous operating conditions, i.e., AoA u [7°, 12.5°], Re=180k 
and k=0.28.  

Focusing the attention to the smooth case, it can first be seen that size of the hysteresis 
cycle is amplified with a non-sinusoidal law, due to the higher angular velocity reached. 
During the very fast acceleration at the beginning of the pitch down phase, the flow is 
not able to adjust according to the blade motion and the drag drops down to negative 
values, which seems to represent a non-physical behavior. Actually, examples of high 
reduced frequency pitching airfoils undergoing negative drag have been reported in 
[159,160]. The explanation is related to the fact that the flow is slightly pushed backward 
by the blade when the incidence decrease is too abrupt, with a sudden “compression” of 
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the separated region on the suction side. Moreover, the large oscillation experienced by 
the blade when passing toward negative incidence is related to the sudden change of 
angular velocity at half period, as shown in Figure 5.7a. The fast deceleration leads to a 
separation of the boundary layer and to the onset of large bubbles. The findings regarding 
the effect of the two different pitching laws can be generalized also to the GF2.5% and 
the FT2.5% cases.  

Overall, the configurations with trailing edge tabs are characterized by the onset of a 
high-frequency, low-amplitude oscillation pattern, due to a slight shedding originated at 
the blade trailing edge [20], which occurs when the blade is aligned with the flow. Such 
phenomenon is more marked for the FT2.5% geometry. Notwithstanding this, at first 
glance the performance of the airfoil is not altered by such phenomenon. The analysis of 
the GF2.5% case reveals a huge lift enhancement for positive incidence, both during pitch-
up and pitch-down. On the other hand, for negative incidence, the magnitude of lift is 
reduced, which is detrimental since it will imply a lower torque output when mounted on 
a rotating Darrieus blade during the downwind half of the revolution. The FT2.5% case 
is characterized by a less marked lift increase for positive incidence, with the advantage 
of guaranteeing a lift increase (in magnitude) also for negative incidence.  

Finally, the comparison of drag trends is also reported in Figure 5.7. The FT2.5% 
airfoil produces a higher drag throughout the whole cycle, while the drag increase with 
the GF2.5% airfoil occurs only for positive incidences.  

5.2 Rotor 
Static (Section 5.1.1) and dynamic (Section 5.1.2) tests on the pitching airfoil case 

proved the Gurney Flaps to be an easy and cost-effective solution for the fine-tuning of 
blade performance. More in detail, it has been shown how the one-sided configuration 
(GF2.5%) can be used to maximize the aerodynamic yield of the airfoil, at the cost of a 
more unbalanced torque production along one rotor revolution, whilst the opposite effect 
can be achieved with the two-side design (FT2.5%), privileging a more equal power 
production between the upwind (0° £ # £ 180°),  and downwind (180° £ # £ 360°),  sector 
of the machine. These findings were later confirmed by a parametric study carried out by 
the research group on GF design, which employed the same strategy used in Section 
5.1.2.2 for the simulation of a pitching airfoil in VAWT-like motion [161]. In the same 
study, it was found that each GF configuration suits a specific Darrieus design: one-sided 
for high-solidity rotors and/or thinner airfoils, two-sided/fishtail for low-solidity rotors 
and/or thicker airfoils.  

The availability of the HKT rotor (see Section 2.3) represented a valuable opportunity 
to test if these guidelines would still be valid when applied to an actual industrial machine. 
In this perspective, the DU-06-W-200 profile mounted on the blades was re-designed with 
a trailing edge tab, as shown in Figure 5.8. Given the medium solidity of this rotor, a 
one-side configuration was selected. Tab length was set to 2%c, following the principle 
that, in order to actually increase the airfoil CL/CD ratio, this dimension should not exceed 
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the blade boundary layer height during operation [27]. The latter was also inclined of 45° 
with respect to the airfoil chord, to reduce drag and vortex shedding at the lower AoA 
[20]. It must be noted that, since the baseline rotor has already an unbalanced design (the 
airfoil is in fact mounted with an outward concavity to enhance upwind loading) the GF 
was oriented towards the inner side of the blade, to shift some torque production to the 
downwind sector without penalizing performance excessively. This aspect is particularly 
important for hydrokinetic turbines, due to the large shaft loads they are subjected to 
(see Section 1.2.2).  

The performance of the modified HKT – GF2% rotor was mainly assessed via blade-
resolved simulations, given the complexity of this test case (see Section 5.2.1). ALM 
simulations were also carried out nonetheless, exploiting this analysis as a further occasion 
of validation for the proposed tool.  
 

 

Figure 5.8: Schematic representation of the HKT – GF2% rotor. 

5.2.1 Blade-resolved simulations 

Figure 5.9 shows the trends of power coefficient CP as a function of the Tip-Speed 
Ratio (TSR) for the baseline (HKT) and its variant with Gurney Flap (HKT-GF2%). 
The use of the inward trailing edge tab already shows its beneficial effect, shifting the 
entire range of operation to lower rotational speeds, reducing the optimum TSR of -10% 
with respect to the baseline. Given a corresponding reduction of the peak power coefficient 
of only -3%, this results in almost the same power production, but with a fairly lower 
inertial loading on the rotor blades as well as on a possible active pitching system.  

The main advantage of the GF configuration becomes apparent nonetheless when 
looking at the turbine central shaft loads reported in Figure 5.10 for one rotor revolution. 
At the cost of an increment of the load oscillations in both the stream- (Fx) and cross-
wise (Fy) directions, a strong reduction in the mean value for the lateral force Fy was 
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observed for the HKT- GF2% case. This value is in fact almost half of the baseline one 
(see Figure 5.10b).  

 

 

Figure 5.9: Comparison in terms of power coefficient CP between the baseline and the rotor 
equipped with 2%c Gurney Flap.  

This trend can be understood upon examination of the hydrodynamic loads 
experienced by the single blade over one rotor revolution, reported in Figure 5.11 in terms 
of normal force FN and torque coefficient CT. Each dataset is shown for the optimal TSR 
of the respective turbine. The GF2% allows to reduce by -13% the negative peak of normal 
force, thanks to the lower lift generated during the upwind half of the cycle, increasing 
the downwind one of approximately the same amount.  

 

 

Figure 5.10: Comparison in terms of streamwise (Fx) and cross-wise (Fy) shaft forces between 
the baseline and the rotor equipped with 2%c Gurney Flap. 



Chapter 5 

116 

The same happens to the blade torque, where the benefit in terms of energy production 
balancing is further enhanced by the reduction of the upwind rotor blockage and so a 
higher wind kinetic energy is available to the downwind one. The relationship between 
the global blade behaviour and the presence of the Gurney Flap can be explained by the 
relative velocity W contours of Figure 5.11. In case of negative incidence (#=90°, upwind 
half), the GF operates in the separated region of the Suction Side (SS) of the blade, 
leading to a worsening of the lift and a higher drag resistance. Conversely, in case of 
positive incidence (#=270°, downwind half), the GF operates in the Pressure Side (PS) of 
the blade, thus providing a substantial lift increase, even at the small values of the 
incidence angle usually experienced by the blade in that region. The combination of these 
factors leads again to a peak efficiency, which, although slightly lower than the one 
achieved with the baseline rotor, comes with a notable reduction in the hydrodynamic 
forces to which the turbine is subjected. This feature is particularly important for 
hydrokinetic rotors, since hydrodynamic loads are more relevant than centrifugal ones.  

 

 

Figure 5.11: Normal force and torque coefficient of a single blade per unit span at TSRopt (left) 
and relative velocity contours for the HKT - GF2% case #=90° and at #=270° (right). 

Finally, the evolution of the turbine’s wake for the baseline and HKT - GF2% cases 
at each respective optimal TSR is shown in Figure 5.12. The wake of the baseline case is 
more asymmetrical, since the high deficit region is shifted toward the leeward side (bottom 
side, in the figure) of the revolution, as well as the acceleration of the absolute flow in the 
regions external to the rotor is more evident around the #=180° position than the #=0° 
position. Conversely, the wake of the HKT - GF2% case is more symmetrical, which is 
also due to the higher downwind energy extraction, as can be noticed by the increased 
velocity deficit behind the blade at the #=300° position. 
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Figure 5.12: Absolute velocity contours at TSRopt. 

5.2.2 ALM simulations 

Figure 5.13 shows the comparison in terms of power coefficient CP between blade-
resolved and ALM simulations of the hydrokinetic rotor with 2%c Gurney Flap (HKT-
GF2%). The proposed ALM tool is able to capture the overall trend of the power curve, 
including the reduction of the optimal rotational speed associated to the use of the inward 
Gurney Flap. As already observed for the two-blade R500 rotor (see Section 3.9.3.2) 
nonetheless, the ALM curve is shifted of an approximately constant offset (ca. +15%) 
with respect to the reference one. This deviation is amplified at TSR=2 by the issues 
presented by the Berg model when simulating severe dynamic stall conditions, as discussed 
in Section 3.9.3.1.  

The source of such deviation can be found upon examination of Figure 5.14, where the 
blade loading profiles obtained with ALM and blade-resolved CFD are reported for both 
the HKT and HKT – GF2% configurations. The global effect of the inward Gurney Flap 
on rotor performance, i.e., the re-balancing of torque production between the upwind and 
downwind sectors, is properly captured by the lumped-parameter approach, justifying its 
adoption for design comparison and optimization analyses.  
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Figure 5.13: Comparison in terms of power coefficient CP between ALM and blade-resolved 
CFD for the rotor equipped with 2%c Gurney Flap. 

As it will be confirmed by the study on the active blade pitching strategy in Section 
6.3.2 in fact, the issues characterizing ALM simulations and already highlighted during 
the validation of the method on both air- and water-based machines (see Section 3.9) are 
conserved from one configuration to the other. 
 

 

Figure 5.14: Comparison in terms of blade normal force and torque coefficient between ALM 
and blade-resolved simulations for the HKT and HKT – GF2% cases, at their respective optimal 
TSR.   

In the upwind region for instance, the Berg model tends in both the baseline and GF2% 
cases to approximately match amplitude and position of the torque peak (#W85°), for then 
underestimating it in the following pitch-down phase. As pointed out during the method 
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validation in fact, this dynamic stall model does not have an explicit formulation for the 
corresponding lag between the angle of attack and the blade unsteady loads.  

In the downwind sector on the other hand, it is possible to recognize once again the 
well-known tendency of the ALM approach to underestimate the upwind-downwind rotor 
blockage, leading to an overestimation of the blade loads for 180° £ # £ 360°. This phenomenon is also responsible for the offset observed in the power curve (see Figure 
5.13). In the case of the rotor equipped with 2%c Gurney Flaps, this issue is amplified by 
the capacity of the trailing edge tab to enhance downwind performance, making the 
predicted blade loads even more sensitive to the computed angle of attack.  
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6 Variable Pitch 
 
 

One of the power augmentation strategies investigated in this thesis work is the 
adoption of active blade pitching. In particular, an innovative desmodromic double-cam 
system is proposed, as it is able to overcome achieve the largest variety of motion laws 
without the cinematic limitations typical of other active systems found in literature (see 
Section 1.3.2). As schematically represented in Figure 6.1, the use of a second profiled 
cam and a set of leverages allows in fact to pitch the blade with different laws in the 
clockwise and anti-clockwise directions, creating the opportunity of a positive pitching 
action to the downwind sector and thus unlocking the maximum potential of this kind of 
control strategy. To the author’s knowledge, this approach has never been applied so far 
to vertical-axis turbines.  

 

 

Figure 6.1:  Schematic representation of the desmodromic pitching system and its mounting on 
the HKT turbine.   

In order to fully exploit the potential of this technology for the present application, a 
novel parametric pitching law, tailored to the specific characteristics of HVATs, has been 
introduced in Section 6.1 and implemented in a dedicated framework for the automatic 
optimization of its tuning parameters, as described in Section 6.2. The latter combines an 
advanced Multi-Objective Genetic Algorithm (MOGA) optimizer with the ALM model 
developed and validated in the present thesis work (see Chapter 3), in its two-dimensional 
formulation.  
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The proposed optimization approach has then been applied to the two-blade 
hydrokinetic rotor designed by the author in the frame of the PhD activity (HKT, see 
Section 2.3) to find the value of the pitching law parameters maximising turbine power 
coefficient at the optimum operation point (TSR=2.5). Given the elevated shaft load 
oscillations (shaking) characterizing HVATs, the minimization of the rotor stream- and 
cross-wise force oscillations has also been taken into consideration as a lower priorities 
objective.  

The variable-pitch, i.e., exploiting the desmodromic system, solution has been also 
compared with the fixed-pitch one, i.e., with a constant pre-pitch applied to the rotor 
blades. Due to the approximation introduced by the adoption of a lower order method 
such as the ALM, the optimal configurations resulting from the variable-pitch 
optimization have been also verified via high-fidelity, blade-resolved CFD simulations, 
using the model outlined in Section 4.2. 

6.1 Pitch law 
The introduction of a desmodromic double-cam system, such as the one proposed here 

in Figure 6.1, notably expands the range of achievable pitching laws, paving the way to 
the development of a control strategy, which better suits the characteristics of vertical-
axis turbines.   

 

 

Figure 6.2:  AoA profile of the unpitched HKT rotor (a) and the proposed pitch law (b).  

To exploit this opportunity, in the present work, a piece-wise pitching law is proposed, 
which, as shown in Figure 6.2b, was built according to the specific behaviour of the rotor 
blade in the different phases of one rotor revolution. 

In the upwind region (0° 3 # < 180°), where the dynamic stall phenomenon is 
predominant, the pitching action is employed to keep the blade AoA below a specified 
target angle of attack, here defined as the incidence maximizing torque production. It 
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must be noted that this quantity, that is regulated by the parameter Cup, in unsteady 
conditions does not necessarily coincide with the static stall limit [45] and must be 
therefore considered an object of the optimization. The corresponding pitching law is 
obtained by subtracting the angle of attack in ideal conditions &id, i.e., in absence of 
dynamic and blockage effects [39], from the target one: 

 �[U+&.H = o(@[U 8 $&H) ? �,                  $&H < @[U0,                                   $&H \ @[U (6.1) 

 $&H(O) = 8 atan 7 sin(O),-. + cos(O): (6.2) 

 � = 1 8 tanh\ k1.14 + 0.722 |[(O 8 O&)O( 8 O& 8 [}n (6.3) 

where �(#) is a damping function that is applied at the intersection points #i and #f 
between the target and ideal AoA curves to avoid discontinuities. This strategy aims at 
combining the advantages of the constant and sinusoidal pitching strategies outlined in 
[39], smoothly raising the angle of attack as long as the flow is attached to the blade, for 
then preventing any further increase leading to performance degradation.  

In the downwind region (180° £ # < 360°), on the other hand, due the presence of 
massive flow blockage, the unpitched case presents a fairly “flat” AoA profile, well below 
the static stall limit (see Figure 6.2a). In this case, the pitching action is required to 
increase the blade loading as much as it is allowed by the local flow conditions. The 
corresponding law is built accordingly using a function from the sigmoid family: 

 �H)+.+&.H = @H)+. ? [1 8 tanh$Qp1.111 + 0.706(O 8 [)q] (6.4) 

where pitching magnitude Cdown is the second optimization parameter.  
The final pitching law is eventually achieved by applying a constant offset (shift) to 

the combination of the upwind and downwind profiles, as in Eq. 6.5:  

 �(O) = `bi�6 + f�[U+&.H,              0° 3 O < 180°�H)+.+&.H,           180° 3 O < 360° (6.5) 

6.2 Optimization workflow 
In order to find the optimal pitching law for the considered test case, dedicated tools 

were developed and combined into a workflow within the ANSYS® Workbench® 20.2 
framework.  

As schematically shown in Figure 6.3, the latter consists essentially of three sub-
modules, whose formulation is described in detail in different sections of this thesis work:  
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a) Pitching law: for each set of the shift, Cup and Cdown parameters given by the optimizer, 
this module generates a new azimuthal pitching law, as outlined in Section 6.1. The 
corresponding effect on turbine performance is then assessed via ALM simulation;  

b) ALM solver: the Actuator Line Model (ALM) proposed in this thesis work, whose 
development and validation are reported in Chapter 3, is used to evaluate the 
performance of the turbine for each pitching set-up in terms of power coefficient CP 
and rotor shaft load oscillations in the streamwise ("CX) and cross-wise ("CY) 
directions, respectively. The definition of these quantities is reported in Section 6.2.1. 
Before being used in the optimization process, the ALM tool was calibrated on blade-
resolved data of the test turbine, with particular attention on the dynamic stall model 
(see Section 3.8.3); 

c) Optimizer: the optimization module (see Section 6.2.2) elaborates the performance 
data coming from the ALM solution and adjusts the pitch law tuning parameters 
accordingly, until the optimal configuration maximizing the hydrodynamic efficiency 
and minimizing rotor shaft oscillations is achieved. 

 

 

Figure 6.3: Schematic representation of the adopted optimization algorithm. 

6.2.1 Objective function 

For the optimization of the desmodromic pitching system, ad hoc performance indexes 
were defined. More in detail, the rotor aerodynamic efficiency was quantified via the power 
coefficient CP, as usually done for wind machines, while the rotor mechanical loading via 
the shaft load oscillation coefficients in the streamwise ("CX) and cross-wise ("CY) 
directions, respectively. The corresponding definitions are reported in Equations 6.6-6.8: 
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 @] = �0.5<r0!P (6.6) 

 @^ = N^0.5<r0!0 (6.7) 

 �@^ = �@^DE%8(R) 8 @^DE&.(R)� (6.8) 

where * is the freestream flow density, A the turbine swept area, P the shaft power 
and V0 the freestream wind speed. The subscripts min(#) and max(#) refer instead to the 
minimum and maximum values over one rotor revolution, respectively. It must be noted 
that the definitions in Eqs. 6.7-6.8 are also valid for the cross-wise load component CY 
and are not reported here for brevity.  

6.2.2 Optimization set-up 

The optimization algorithm selected for the present work is the Adaptive Multi-
Objective (AMO) approach included in the ANSYS Workbench Direct Optimization 
package. This routine allows to converge directly to the optimal configuration, given one 
or more criteria to be satisfied, via a series of sequential refinement steps. More in detail: 
1. Given the initial range for each of the design parameters, a first set of configurations 

is generated via an Optimal Space Filling algorithm; 
2. The response surface corresponding to the generated data is obtained using a Kriging 

interpolation; 
3. A set of optimal configurations for the current data is extracted from the response 

surface via a Multi-Objective Genetic Algorithm (MOGA), representing the best trade-
off among the different objectives given as an input; 

4. A new investigation domain is created from the results of the previous optimization, 
in order to locally refine the reference response surface, and the steps 1-3 are repeated 
until convergence.  
 
For the current case, the initial dataset was generated starting from the investigation 

range reported in Table 6.1, using 35 samples. The selection of the initial values was 
mainly based on the test case characteristics and the author's experience. For every 
following iteration of the optimization routine, the number of available samples was 
restricted to 20.  

As anticipated in Section 6.2.1, the performance of each configuration was evaluated 
in terms of power coefficient CP and rotor shaft oscillations "CX and "CY. It must be 
noted that, as reported in Table 6.1, a higher priority was given to the maximization of 
hydrodynamic efficiency, given the framework in which this study takes place.  
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Table 6.1: Definition of the investigation in terms of initial domain and objectives.  

Design parameters Objectives 

Name Range Definition Range Priority 
Cup [deg] [-24 -5] Maximize CP [-] [0 1] High 
Cdown [deg] [-10 10] Minimize "CX [-] [0 ] Medium 
Shift [deg] [-5 5] Minimize "CY [-] [0 ] Medium 

6.3 Results 
In this section, the results of both the fixed- and variable-pitch optimization procedures 

are illustrated in terms of blade loads and rotor shaft oscillations. The sensitivity of the 
rotor aerodynamic and mechanical performance to the pitch law tuning parameters is also 
discussed. Eventually, the reliability of the obtained results is verified via dedicated 
pitching blade-resolved CFD simulations. 

6.3.1  Variable-pitch optimization 

Both fixed- (FP) and variable-pitch (VP) optimization routines were run with the set-
up described in Section 6.2.2, reaching convergence after 65 and 79 iterations, respectively. 
This corresponds approximately to 9 days of computation time on a 32-core workstation. 
Only difference between the two is the number of free pitch law parameters, which in the 
FP case was reduced from three to one, i.e., the pre-pitch shift. The obtained optimal 
configurations are numerically compared with the baseline one in terms of aggregated 
performance indexes (CP, ]CX and ]CY) in Table 6.2. This dataset is also graphically 
shown in Figure 6.4, where it is sided by the system response surfaces to the variation of 
the pitch law tuning parameters.  

At first glance, one can observe how the fixed-pitch strategy, i.e., applying a pre-set 
pitch to the turbine blades, leads in this case to no benefits in terms of performance. On 
the contrary, a -1% reduction of the power coefficient with respect to the baseline is 
obtained, while the shaft load oscillations are substantially unvaried. This can be 
understood upon examination of the blade loading trends over one rotor revolution 
reported in Figure 6.5. As a matter of fact, since in the baseline configuration upwind 
dynamic stall is already well-developed, as evident from the lift (CL) and drag (CD) 
coefficients hysteresis loops, no further increase in the blade angle of attack can be applied 
without limiting its maximum value. All negative values of the shift parameter lead 
therefore to a performance degradation. Positive values on the other hand, as the one 
used in this case, can improve downwind torque production, but at the cost of reducing 
the blade loading in the upwind sector. The final result is no neat improvement of the 
rotor power extraction. One should remember, however, that this outcome is strongly 
dependent on the two-fold scope of the optimization (i.e. maximization of power 
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extraction while keeping loads low), while the literature [41] suggests that a non-null pitch 
could improve the power coefficient only. 

 

 

Figure 6.4: ALM Optimization results. 

Table 6.2: ALM Optimization results. 

Variable Baseline FP VP1 VP2 
Cup [deg] - - -9.0714 -7.4235 
Cdown [deg] - - 3.3586 -0.2337 
shift [deg] - 0.87 -4.7337 -1.400 
CP [-] 0.4562 0.4561 0.5566 0.5336 
!CX [-] 2.0771 2.0580 1.8103 1.6079 
!CY [-] 2.0929 2.1259 2.7185 2.4147 

 
The introduction of the double-cam variable-pitch system is able to remove the 

constraint described so far. This possibility was exploited in two different ways in the 
frame of the proposed optimization.  

The first (VP1) can be referred as the “maximum power” approach, as it privileges 
energy extraction over mechanical resistance.  As shown in Figure 6.5, this strategy tends 
to maximize upwind torque production by raising the shift parameter as much as possible, 
up to ca. -4.7°, for then saturating the blade angle of attack to a target value of ca. -10°. 
Doing that, the blade load is increased with respect to baseline both in the pitch-up and 
pitch-down phases, controlling the dynamic stall phenomenon in such a way, that the 
typical lift overshoot is obtained without an excessive penalty coming from the drag 
increase. In the downwind sector instead, where an enhanced performance degradation is 
observed due to the increased rotor blockage, the pitching action is employed to both 
compensate the negative shift applied to the upwind sector and keep the angle of attack 
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below its target limit, resulting in a Cdown value of ca. 3.3°. The final result is an increase 
in the overall CP of ca. +22% and a reduction of the streamwise shaft load oscillation ]CX 
of ca. -13% with respect to the baseline, as reported in Figure 6.4. The corresponding 
large blade load unbalance between the upwind and downwind sectors leads nonetheless 
to an increment of the shaft oscillations in the cross-wise direction, as clearly visible in 
Figure 6.6. ]CY is therefore +29% higher than that of the baseline.  

 

 

Figure 6.5: Comparison in terms of blade aerodynamic performance between the baseline, the 
optimum of the fixed-pitch optimization (FP) and the two candidate points from the variable-
pitch one (VPi). 

The latter issue was addressed by switching to the VP2 approach, or “balanced design”. 
This strategy relies completely on controlling dynamic stall in the upwind sector of one 
rotor revolution, lowering the target angle of attack – which is approximately halved with 
respect to the VP1 configuration - until unsteady effects are almost nullified. This can be 
clearly seen in the lift and drag loops reported in Figure 6.5, which show almost no signs 
of hysteresis. By notably unloading the rotor blade in the upwind sector, thus reducing 
the corresponding blockage, it becomes possible to achieve a good torque production in 
the downwind one as well. In this case, almost no pitching action is required, so that the 
Cdown value is slightly lower than 0. The result is an increase in the power coefficient of 
ca. + 17%, which, although slightly lower than the one achieved with VP1, comes with a 
reduction around -23% for ]CX and an increment of +15% for ]CY, ten percent points 
more and fourteen less than those of the “maximum power” approach, respectively. The 
latter load balancing effect can also be observed in Figure 6.6, where the oscillation of the 
rotor shaft load coefficients is reported on the X-Y plane. 
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Figure 6.6: Comparison in terms of rotor shaft load coefficients between the baseline, the 
optimum of the fixed-pitch optimization (FP) and the two candidate points from the variable-
pitch one (VPi). 

6.3.2 Blade-resolved CFD verification 

In order to understand whether the configurations coming from the ALM-based 
optimization could actually lead to an improvement in the test machine performance, or 
were mere results of the approximations intrinsically related to the ALM method and 
outlined in Section 3.9, an ad hoc validation was performed via the pitching blade-resolved 
model described in Section 4.2. 

Figure 6.7 reports in a synthetic way the comparison in terms of blade torque and 
shaft load coefficients over one rotor revolution between the baseline and the optimized 
designs VP1 and VP2, simulated with the adopted blade-resolved CFD approach. The 
corresponding ALM data is also shown as a reference. This visual dataset is completed by 
the aggregated performance indexes used for the current work, i.e., CP, ]CX and ]CY, 
computed for both ALM and CFD and normalized over the correspondent baseline values. 
In general, the same biases coming up from the validation of the baseline model and 
outlined in Section 3.8.3 can also be observed in the active pitching case. Once again, the 
ALM tends to deviate from the blade-resolved data in the upwind pitch-down phase (90° < # < 180°), where performance-boosting unsteady effects are relevant also in absence of 
dynamic stall, and in the downwind region (90° < # < 180°), where torque extraction is 
overestimated. The rotor blockage effect is in fact usually underestimated by the ALM, 
especially for medium-to-high solidity rotors such as the one under consideration.  

Due to these issues, the ALM predicts a higher power extraction and shaft load 
oscillations than CFD, as evident from Figure 6.7 and the numerical data reported in 
Table 6.3. For the baseline configuration, the computed CP, $CX and $CY are + 15%, 
+14% and +27% higher than the CFD ones, respectively. Considering a variable-pitch 
case such as the maximum power design (VP1), on the other hand, this deviation is 
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strongly reduced, with an overestimation of the power coefficient and the cross-wise 
oscillations of +1% and +19%, in the order given. In the authors’ experience, this might 
be related to the specific stall control strategy adopted for the pitching system and the 
consequent lowering weight of dynamic stall on the blade loads. The latter is in fact 
responsible for a large part of the uncertainty associated to ALM simulations. 

 

 

Figure 6.7: Comparison in terms of blade torque, rotor shaft oscillations and aggregated 
performance indexes between blade-resolved CFD and ALM for the optimum design points VP1 
and VP2. 
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Analyzing the same dataset in relative terms instead, the two methods seem to have 
the same behavior. As clearly shown in the spider diagrams in Figure 6.7, the percentage 
gain predicted by ALM and blade-resolved CFD with respect to the corresponding 
baselines is in fact quite similar for the different performance indexes, in particular the 
stream-wise oscillation coefficient $CΧ. The other two coefficients, on the other hand, are 
slightly higher for CFD, which predicts for instance a +37% gain on the CP of the VP1. 
For the ALM the latter was +22%. Although this verification should be performed on 
other points of the optimization space, these results are a first hint of the reliability and 
robustness of the proposed ALM-based approach. It must be also noted that the latter 
provides a conservative result with respect to higher-order methods. 

Another interesting outcome of this CFD verification step is that the efficiency gap 
between VP1 and VP2 is smaller than the one predicted by ALM, but the corresponding 
benefits in terms of shaft load oscillations reduction remain more or less unchanged. As 
reported in Table 6.3, CFD-VP2 has a CP only -1% lower than CFD-VP1, which comes 
though with a -13% $CX and a – 13% $CY. In the frame of the present work, it represents 
thus the best trade-off between power and mechanical resistance.  

Table 6.3: Results of the blade-resolved CFD simulations. 

Variable Baseline VP1 VP2 
Cup [deg] - -9.0714 -7.4235 
Cdown [deg] - 3.3586 -0.2337 
shift [deg] - -4.7337 -1.400 
CP [-] 0.3950 0.5410 0.5355 
!CX [-] 1.8167 1.5611 1.3797 
!CY [-] 1.6386 2.2719 2.0119 

6.3.3 Discussion 

Based on the presented results, the proposed double-cam desmodromic pitching system 
has shown the potential to be an effective strategy for the power augmentation of HVATs. 
The obtained efficiency increase of ca. +35% with respect to the baseline for both the 
“maximum power” and “balanced design” solutions is higher than the majority of those 
reported in the literature for the family of sinusoidal functions (see Table 1.1). Considering 
the maximum value of this coefficient nonetheless, which can go up to +53% for higher-
order sine in the study of Paillard et al. [46] and +63% for the truncated sine according 
to Chen et al. [38], the double-cam solution still falls behind. These data can be deceiving 
though. In fact, the baseline design and operating conditions are not uniform among the 
different studies selected for the comparison. The rotor solidity in particular, as 
demonstrated by Sagharichi et al. [47], plays a fundamental role in defining the power 
increase potentially achievable with a variable-pitch system, thus introducing a certain 
amount scattering between the different studies. It must also be noted that the baseline 
selected for the current work already derives, as described in Section 2.3, from a dedicated 
optimization, which raised the maximum CP to almost 0.4. In this case, a +35% increase 
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corresponds to a CP of ca. 0.54, which is in line with that computed by Paillard and ten 
points higher than the 0.45 obtained by Chen.   

From the point of view of load reduction on the other hand, a direct benchmarking 
with the existing technologies is hindered by the lack of quantitative data and 
standardisation in the definition of the load indexes. This study has demonstrated 
nevertheless the capacity of the proposed pitching system to notably reduce the rotor 
shaft load oscillations in the streamwise direction, up to -23%, at the cost of a slight 
increase in the cross-wise one (+15%). 

In spite of the promising characteristics outlined so far, the development of this 
technology is still at an early stage. As demonstrated by Kirke [10] in fact, the real 
behaviour of variable-pitch HVATs is notably different from the one predicted by two-
dimensional CFD, mainly due to the effects of tip vortexes and of the blades support 
structs, which in hydrokinetic applications are even more relevant than in wind ones. The 
combination of this factors leads to a measured performance that is lower than the one 
predicted by numerical simulations. On top of that, the technical feasibility of the system 
must be assessed. On one hand, the desmodromic mechanism is required in fact to 
withstand the accelerations imposed by the proposed pitching law without damage. On 
the other, it is necessary to verify that its power consumption is low enough for it to be 
conveniently adopted on a hydrokinetic machine. All these aspects will be included in the 
future development of this technology.  
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Conclusions 
 
The present thesis focused on the comprehensive development of the vertical-axis 

concept, both from a technological and modelling point of view. Two power augmentation 
solutions, one for improving airfoil performance (Gurney Flaps) and the other for 
controlling the blade angle of attack (active blade pitching), have been introduced and 
investigated in the specific frame of Darrieus rotor operation. To this end, a multi-fidelity 
simulation approach was adopted, combining the use of high-fidelity blade-resolved CFD 
with a new generation Actuator Line Method (ALM), here developed and specifically 
tailored to the characteristics of vertical-axis machines. As a final result, a notable 
advancement in both fields has been achieved, as summarized in the following paragraphs. 
 
Simulation techniques 

The development of the ALM tool mainly addressed four issues characterizing the 
simulation of VATs: angle of attack sampling, aerodynamic modelling, spreading of forces 
into the computational domain and tip effects. An extensive validation of the code has 
been carried out on selected test cases, for which high-fidelity blade forces and wake field 
data were available from wind tunnel tests of academic partners at European level and 
blade-resolved simulations of the author. The effectiveness of the adopted 
countermeasures was demonstrated: 
1. Angle of attack sampling: the introduction of a new methodology (LineAverage + CSS 

filter) to sample the angle of attack has shown to be key for the accuracy of the ALM, 
enabling not only the proper selection of aerodynamic coefficients, but also a more 
robust implementation of a key figure like the dynamic stall model, which for hybrid 
model such as the ALM has been an issue so far; 

2. Aerodynamic modelling: all the proposed methods and models have shown a positive 
impact on the accuracy of the simulations. The robustness of the theory when rotors 
with different features are considered, e.g., when the blade-spoke connection point 
changes along the chord, has been also increased. The adopted Berg dynamic stall 
model on the other hand, although effective at the medium-to-high TSRs, has 
experienced an accuracy degradation at the low TSRs, due to its inability to account 
for the Leading Edge Vortex shedding event; 

3. Spreading of forces into the computational domain: extensive calibration of the kernel 
function in both 2-D and 3-D formulations have demonstrated that, if properly tuned, 
the proposed chord-based function is able to yield a fairly accurate description of the 
rotor flow field. It has also been shown that, with the proper grid settings, tip vortexes 
structure could be predicted with a sufficient level of approximation; 

4. End effects: performed simulations have shown that, although capable of predicting 
the tip vortex structure with a sufficient level of approximation, the ALM fails in 
reconstructing the blade load degradation towards the tip. This major flaw has been 
solved via a novel hybrid ALM-LLT correction model, not originally from the author 
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but here adapted to VAT simulation. The achieved accuracy gain is noteworthy, 
especially when compared to the current approaches such as the Glauert correction. 

 
The combination of points 1-4 raised the overall accuracy of the ALM code to values 

up to 97.7% for the two- and 70% for the one-blade rotor (measured in terms of correlation 
coefficient R2 using as reference the azimuthal torque profile). For the latter, this 
corresponds to +31% increase with respect to the standard formulation commonly found 
in the literature. The key point is that this was achieved at a computational cost notably 
lower than that of blade-resolved CFD. Simulating the theoretical half-blade of the R515 
turbine for instance took approximately 887500 hours per revolution on a single core, 
against the 20 hours of the ALM, resulting in a reduction of more than five orders of 
magnitude of the required computation resources. The proposed tool demonstrated his 
accuracy also in the non-conventional simulations related to the study of the power 
augmentation devices, proving its overall flexibility. Nonetheless, issues are still present 
due to the observed tendency of the ALM code to underestimate the upwind-downwind 
blockage effect, thus overestimating downwind performance, and the inadequacy of the 
adopted Berg dynamic stall model to the simulation of the lower TSRs. No explicit 
modelling of the Leading Edge Vortex shedding cycle is in fact available. In this 
perspective, more advanced kernel and dynamic stall formulations will be implemented in 
future works. 

 
Power augmentation strategies 

The developed ALM and blade-resolved CFD tools were applied in a synergic way to 
the study of the proposed power augmentation strategies, showing their potential to 
improve both the aerodynamic and mechanical performance of vertical-axis turbines: 
§ Gurney Flaps have proved to be an effective and flexible device for tuning VATs' 

characteristics. For all configurations, the capability of efficiently increasing the airfoil 
performance in both static and dynamic conditions have emerged from blade-resolved 
simulations of the NACA0021 airfoil, validated against wind tunnel measurements at 
TU Berlin. Higher stability and reduced excursion in the dynamic hysteresis loops 
have also been observed. Depending on the selected configuration, the Gurney Flap 
can be used for maximizing turbine efficiency, at the cost of increasing the fatigue load 
on the structure, or to achieve a more mechanically balanced design, maintaining more 
or less the same efficiency. The second approach has been applied to the design of a 
new hydrokinetic turbine, in collaboration with an industrial partner. Blade-resolved 
simulations showed a corresponding reduction of -10% in the rotor inertial load and -
50% for the cross-wise force, with a penalty in terms of peak power coefficient of only 
-3%. The only possible issue with Gurney Flaps is the high-frequency vortex shedding 
that was observed during airfoil simulations for the lower incidences. This effect 
nonetheless was largely diminished when the GF was mounted on the Darrieus rotor;  

§ The design principles outlined for Gurney Flaps were applied also to the rotor with 
active blade pitching, as a result of an automatic optimization routine based on the 
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new ALM tool. As later confirmed by dedicated CFD simulations, the proposed 
double-cam pitching mechanism managed to limit the upwind blade loading below its 
maximum potential, allowing for a higher energy extraction in the downwind sector. 
This resulted in a peak power coefficient of 0.535, with an increase of +35% with 
respect to the baseline rotor, and a reduction of -23% in the streamwise load 
oscillations. Cross-wise oscillations nonetheless were increased of +15%. 

 
The results of the work led to the publication of 5 scientific papers in prestigious 
international, peer-reviewed journals and 8 conference papers. Additionally, 1 paper is 
currently under revision and 1 has been planned already for the near future. 

As a continuation of the study, proposed solutions will be further developed, until a 
full deployment at the industrial level is achieved.  
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